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Abstract 
An efficient computational model has been developed to quantify the thermo-mechanical 
behavior of the solidifying strand widefaces from meniscus to caster exit. A constitutive model is 
also developed for steel multiphase mixtures near the eutectoid transformation. This new 
constitutive model extends the temperature range of existing constitutive models for steel below 
the temperature range for the austenite phase. The domain of the solidifying steel strand model is 
a one-dimensional drilling through the strand widefaces, from the inner to the outer radius 
surface. The model considers the effects of mold cooling, secondary cooling, bending and 
unbending on the mechanical loading history of the strand. The thermal behavior of the model is 
calculated using boundary conditions from CON1D, in the mold and in secondary cooling. The 
thermal boundary conditions in secondary cooling consider the heat extraction of roll contacts 
and water sprays individually. Specialized boundary conditions are used to simulate bending and 
unbending and the hard box bending assumption is used. Good agreement is found between the 
model predicted surface strains during bending and unbending and a simple equation. It was 
found that non-uniform heat extraction at the strand surface during secondary cooling causes 
surface temperature fluctuations up to 200°C. These surface temperature fluctuations create 
cyclic mechanical loading at the strand surface, increasing the risk of transverse crack formation. 
Reduction in the severity of the surface temperature fluctuations should reduce the severity of the 
cyclic mechanical loading, and decrease the risk of transverse crack formation. 
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Chapter 1: Introduction 
1.1 History of Continuous Steel Casting 
The efficient production of quality steel is arguably one of the most important industries 
in the world today. Steel production is the foundational underpinning of global trade, allowing 
the production of huge steel ships for global shipping and massive railroads and trains for 
moving goods on land. The production and refining of oil also depends heavily on manufacturing 
high quality, cost-effective steel. From the creation of massive steel offshore rigs to the 
thousands of meters of drilling pipe used to drill deep within the earth’s crust to reach oil and gas 
deposits, steel is critical to the oil and gas industry. Access to such inexpensive energy reserves 
is critical to the global economy, but it would not be possible without access to quality steel. The 
world today would be very different without the strength and cost effectiveness that steel has 
provided since the industrial revolution. From skyscrapers to cars, steel has shaped the 
production of goods and services in the modern era in remarkable ways.  
Steel production has evolved significantly over the years; one very important revolution 
in steel production was continuous casting. Continuous casting is an efficient process to create a 
continuous strand of solid steel from liquid steel, and was first invented and patented by Henry 
Bessemer in 1865 [1]. While the idea of continuous steel casting was first formulated in 1865, it 
was not until 100 years later that continuous steel casting became an industrially useful process. 
The lack of industrial use of continuous casting for steel was due to processing issues that 
prevented cost-effective operation of a continuous steel casting machine. Several critical 
breakthroughs that made continuous casting commercially viable were developed in the 1940’s 
and 1950’s, due partially to pressure for more rapid steel production during and immediately 
after World War II [2]. 
The development of mold oscillation, negative strip-time, and mold level control all 
reduced the frequency of costly sticker defects in the mold while also increasing the casting 
speed possible for steel continuous casting [2]. A sticker defect occurs when the initially-
solidifying steel sticks to the mold wall, and can cause a break in the steel shell. Mold oscillation 
is a technique that moves the mold, typically in a sinusoidal wave, in the casting direction to 
prevent sticker defects. Negative strip-time is a particular aspect of mold oscillation. To achieve 
negative strip-time the mold must move downwards with a speed faster than the casting speed. 
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During negative strip-time the mold will move downwards in the casting direction relative to the 
cast steel strand, and is an important aspect of avoiding mold defects. Mold level control simply 
means that the level of the liquid steel meniscus is controlled to prevent fluctuations of the 
liquid. Mold oscillation, negative strip-time and mold level control improvements allowed 
casting speeds for steel production to be raised to levels that allowed the process to compete 
with, and eventually take over, conventional ingot casting. 
1.2 Continuous Casting Overview 
The continuous casting process for steel contains four basic components in the process: 
the ladle, tundish, mold, and secondary cooling zone, each of which are illustrated in Figure 1.1 
[3]. The primary functions of the ladle and the tundish are to maintain a continuous stream of 
liquid into the mold to allow formation of a continuous strand of solidifying steel from the mold. 
The ability of continuous casting, contained in the name, to continuously produce steel makes the 
process very cost-effective and gives rise to practices such as direct charging, which takes the 
continuously cast slab and begins the rolling process directly after casting. The ability to direct 
charge a cast slab saves time and energy in the process, avoiding slab reheating in between 
casting and rolling processes, saving approximately 30  of energy for a typical slab. 
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Figure 1.1. Schematic illustration of the continuous casting process. 
The liquid steel exits the tundish and enters the mold through a submerged entry nozzle, 
protecting the liquid steel from contact with atmospheric gases. A protective layer of mold flux 
or oil covers the liquid steel in the mold, serving to isolate thermally and chemically the steel 
from the atmosphere. Once the liquid steel reaches the mold through the submerged entry nozzle, 
initial solidification and heat extraction begins. Heat is extracted from the liquid steel into a 
water-cooled mold, creating the initial steel shell. This steel shell then moves down the mold at 
the desired casting speed, which is controlled via drive rolls on the steel strand further down the 
caster. This solid steel shell grows thicker in the mold and is cooled via conduction of heat into 
the mold until mold exit. 
Upon exiting the mold, the steel strand, which still contains molten steel in its central 
core within its solid outer shell, is cooled by water and air spray cooling nozzles and by contact 
with cooled support rolls. The support rolls play two important roles: supporting the solid steel 
strand against the ferrostatic pressure exerted by the liquid core, and cooling the steel strand via 
conduction. The steel strand is cooled in secondary cooling until eventually the strand is fully 
solid, at which point there is no longer a liquid core in its center. The point at which the steel 
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strand becomes fully solid is called the metallurgical length. The liquid core of the steel strand 
exerts ferrostatic pressure on the solidified steel shell, which causes bulging in the strand if 
support rolls are not present to resist the ferrostatic pressure on the strand. After the steel strand 
becomes fully solid, it is cut with a torch or with a hydraulic shear at a desired length and further 
processed into final products. 
Today, over 95% of the world’s steel production is done via continuous casting [4]. 
Because continuous casting is the dominant means of production for steel, it is desirable to 
reduce or eliminate processing defects that decrease productivity, safety and quality. One such 
processing defect in continuous steel casting is transverse crack formation, and this work will 
study the causes of transverse crack formation. 
1.3 Transverse Crack Formation Overview 
Transverse cracks may form at the steel strand surface, transverse to the casting direction, 
and can be a serious issue in continuous casting of steel. These cracks form due to longitudinal 
forces on the strand surface and extend in the slab width direction on the wideface surface.  
These forces may arise from several possible sources, including mechanical loading from the 
drive rolls and friction, bending and unbending from the support rolls, roll misalignment, and 
thermal strains. The correlation between particular microstructural features and crack formation 
has been studied by researchers [5], [6]. The presence of abnormally large austenite grains, grain 
boundary ferrite and grain boundary precipitates all contribute to the formation of intergranular 
transverse cracks. Secondary cooling methods that avoid the formation of grain boundary ferrite 
and grain boundary precipitates have been shown to decrease the formation of transverse cracks 
[7]. 
Surface defects like transverse cracking are detrimental to continuous steel casting 
because surface defects must be removed by scarfing or other means before the steel slab can be 
further processed. Scarfing is a labor-intensive process that reduces productivity. Surface defects 
such as transverse cracks can also cause breakout problems, which can cost millions of dollars in 
lost production and caster damage. Direct charging of steel slabs is also not possible if surface 
defects like transverse cracks form, and so these cracks are undesirable. Furthermore, these 
cracks can be difficult to detect and the macroscopic loading conditions that contribute to their 
formation are not well understood. 
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To study the crack susceptibility of specific steel grades, monotonic tensile tests at 
elevated temperatures have been used to quantify the steel ductility based on the reduction-in-
area at failure [8], [9]. These crack susceptibility tests have found qualitative correlation between 
a steel’s reduction-in-area at failure and transverse crack susceptibility. However, the 
temperature history and mechanical loading of previous experimental steel ductility tests differ 
significantly from the complex thermo-mechanical loading conditions experienced by different 
locations in the steel strand in the real continuous caster. The microstructural features that 
accompany transverse cracks and the qualitative ductility of steel grades has received significant 
study, but quantitative information about the thermo-mechanical history experienced by the steel 
strand during secondary cooling is needed.  
1.4 Objectives of Current Work 
The ultimate goal of this work is to understand quantitatively how and when the loading 
conditions in a continuous caster lead to the formation of transverse cracks. This work takes 
several important steps towards this goal.  
First, to model the mechanical behavior of a solidifying steel strand, constitutive models 
for multiphase mixtures of steel are investigated and developed. A model for the creation and 
dissolution of pearlite based on the steel temperature and a previously defined cooling rate is 
developed. A constitutive model for the mechanical behavior of pearlite is developed, calibrated 
and validated with experimental measurements of uniaxial stress-strain behavior of steel at 
various temperatures and strain rates. Mixture rules to model the behavior of mixtures of ferrite 
plus austenite and ferrite plus austenite are also considered. 
A computational model is then developed in the commercial finite-element software 
ABAQUS [10] to quantify the thermo-mechanical behavior of a solidifying steel strand from the 
meniscus to caster exit, including effects from mold heat extraction, secondary cooling, bending 
and unbending. The thermal model of the continuous casting process is based on results from 
CON1D [11]. The mechanical model uses ABAQUS and material models developed by previous 
researchers [12], [13].  
Finally, a parametric study for different casting conditions is performed to simulate three 
different steel casters: ArcelorMittal Burns Harbor, SSAB Montpelier, and the Nucor Decatur 
thin slab caster. The effects of various processing parameters, such as casting speed, casting 
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radius, strand thickness, mold cooling, secondary cooling, bending, and unbending are included 
in the study. 
Through quantification of the thermo-mechanical loading experienced by the steel strand 
during steel casting, better experimental tests can be developed to predict transverse crack 
susceptibility of a particular steel grade under particular casting conditions. Micro-models can 
then be developed to simulate the experimental tests that better reflect actual loading conditions 
in the steel caster. These micro-models, which would include multiphase steel mixtures, 
precipitates and void formation in the soft -ferrite could be used to create a macro-scale failure 
criterion based on loading conditions. This failure criterion for a steel, based on models and 
experimental tests, could then be used to predict the formation of transverse cracks for a 
particular steel grade and casting conditions. Figure 1.2 illustrates the relationship between these 
different tests and models. 
 
Figure 1.2. Graphical depiction of relationships between models and test methods. 
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Chapter 2: Constitutive Behavior of Steel during 
Continuous Casting near Eutectoid 
Temperatures 
2.1 Summary 
This chapter presents a method to model the constitutive behavior of multiphase steel 
mixtures at temperatures near the steel eutectoid temperature. In the continuous casting process 
mixtures of austenite plus ferrite, and later pearlite plus ferrite, begin forming at the surface of 
the steel strand during secondary cooling. To accurately predict the constitutive behavior of 
multiphase mixtures, a methodology with three components is presented to calculate: the solid 
phases present, the constitutive behavior of the individual phases, and the mechanical mixture 
behavior of the solid phases present. The model of steel phases present readily includes kinetic 
effects from TTT diagrams for the pearlite transformation, and uses and equilibrium phase 
diagram for other phase calculations.  New constitutive equations are found for eutectoid steel by 
fitting previous fatigue and uniaxial extension test data.   A switch mixture model for mixtures of 
ferrite and either austenite or pearlite is recommended for use in finite-element models. The 
switch mixture model has the ability to reasonably match behavior of a Reuss mixture model, 
which is most appropriate for continuous casting, but with a lower computational cost. Future 
work of a simplified Reuss mixture model with a finite strain integration method also is 
recommended. 
2.2 Introduction 
It is important to characterize the mechanical behavior of steel at elevated temperatures 
for the computational analysis of steel structures, which has applications to many fields and 
processes. Using the finite-element method, or other computational methods, the mechanical 
behavior of steel structures may be quickly analyzed, avoiding expensive and time-consuming 
laboratory or field tests. The finite-element method requires relations between the stresses and 
strains that a material experiences, and so it is necessary and desirable to develop constitutive 
stress-strain relations for steel at elevated temperatures. These stress-strain relationships must 
include creep, as well as the strain-rate and temperature dependence of steel’s mechanical 
behavior at elevated temperatures. Some structural analyses of steel structures, such as 
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continuous casting, involve large spatial variations of temperature and strain rate, and so the 
constitutive stress-strain relations must also be developed for a wide range of temperatures, strain 
rates and loading conditions. 
Some processes involve cyclic loading, such as continuous casting in secondary cooling, 
and cyclic loading presents another challenge in determining constitutive relations. Materials can 
exhibit three types of behavior during repeated cyclic loading involving inelastic strains: elastic 
shakedown, inelastic shakedown, or ratchetting [1]. Elastic shakedown behavior is characterized 
by initial inelastic deformation of the material during cyclic loading. The material then 
isotropically strain hardens during cyclic loading until the cyclic stress loading is entirely elastic. 
Inelastic, or plastic, shakedown behavior is characterized by cyclic stress-strain loading that 
eventually exhibits the same stress-strain response during each loading cycle. Ratcheting is a 
material response characterized by secondary inelastic deformation that increases cycle by cycle 
under stress controlled conditions. Steel at elevated temperatures has been found to not exhibit 
elastic shakedown behaviors [2]. 
Previous work has found that elasto-viscoplastic models are excellent for modeling the 
high-temperature inelastic flow behavior of steel at high temperatures [3]. Elasto-viscoplastic 
constitutive models are a form of unified constitutive model, because they treat plastic strain and 
creep strain with a single structure parameter: inelastic strain.  These models perform well at 
capturing time dependent flow behavior, such as creep and strain-rate dependent flow, while also 
being easier to integrate than other unified constitutive models [3]. Constitutive models for liquid 
[4], [5], ferrite [6], and austenite [3], [7], have been previously developed for high temperature 
steel. These constitutive models can be used to model steel at temperatures ranging from 1600°C 
to approximately 800°C. Elasto-viscoplastic models can use two methods of strain hardening: 
isotropic and kinematic. Pure isotropic hardening models, such as Anand’s model [7], will 
exhibit cumulative hardening during compressive and tensile loading, which can cause elastic 
shakedown behavior during repeated cyclic loading. Pure kinematic hardening models, such as 
Kozlowski’s Model III, will instead show inelastic shakedown behavior during repeated cyclic 
loading, better matching experimental tests of steel cyclic behavior [2]. As will be discussed in 
Chapter 3, the steel strand undergoes repeated cyclic mechanical loading during secondary 
cooling, so a kinematic hardening elasto-viscoplastic constitutive model is preferred for 
modeling the steel strand during secondary cooling. 
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Extension of the existing constitutive models for steel to lower temperatures, below the 
austenite phase range, is necessary to allow for computational models of steel below the 
temperature range of the austenite phase. Development of constitutive equations for steel at 
intermediate temperatures requires the development of mixture rules for mixtures of austenite, 
ferrite, and pearlite at lower temperatures, and the development of a new constitutive model for 
pearlite at intermediate temperatures. Steel undergoing the eutectoid transformation could also 
form bainite or martensite instead of pearlite; in this work, only the formation pearlite is 
considered. 
During the transformation of austenite into combinations of ferrite and cementite, the 
ferrite phase will start forming in hypoeutectoid steels before the eutectoid transformation takes 
place. This ferrite is called proeutectoid ferrite because it forms before the eutectoid 
transformation begins in steel. Proeutectoid ferrite often will begin forming at the grain 
boundaries of austenite, especially during the casting process when the austenite grains may be 
large and precipitates form at the grain boundaries [8]. Ferrite that forms at austenite grain 
boundaries can cause serious problems with transverse cracking in steels because ferrite is much 
weaker than austenite [9]. The weaker ferrite phase deforms more easily than the austenite phase, 
and so inelastic strain accumulates in the ferrite. This inelastic strain accumulation eventually 
causes void formation, coalescence, and failure of the steel along the austenite grain boundaries 
where the ferrite phase becomes a coherent network [10]. 
After the proeutectoid ferrite forms in the steel the remaining austenite will transform 
into pearlite, bainite, or martensite, depending on the cooling rate. The eutectoid transformation 
occurs exclusively with the remaining austenite in the steel, and does not affect the already-
formed proeutectoid ferrite. If the proeutectoid ferrite formed previously at austenite grain 
boundaries then the newly formed eutectoid structure may still be surrounded by a coherent 
network of ferrite [11]. Ferrite networks persisting after the eutectoid transformation of steel also 
may explain the observations of low ductility steel fracture [12] occurring near the eutectoid 
temperatures in steel. Thus, coherent grain boundary ferrite networks that affect steel failure and 
deformation can occur in both mixtures of austenite plus ferrite and mixtures of ferrite plus 
strong eutectoid phases such as pearlite. 
Because the microstructure of multiphase steel mixtures affects the constitutive behavior, 
it is important to discuss the microstructure of a continuously-cast steel strand. During initial 
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cooling, a chill zone of small, equiaxed grains forms at the surface of the steel strand. From these 
chill grains that first form, some grains will be oriented with a preferential growth direction into 
the liquid and will grow more rapidly than other grains, creating a columnar zone. Due to this 
microstructure, and because the weaker ferrite phase forms coherent networks along austenite 
grain boundaries, the cast steel strand will exhibit anisotropy in its constitutive behavior [13]. 
The formation of grain boundary ferrite at the austenitic grain boundaries in the columnar zone 
weakens the steel strand for loading transverse to the solidification direction. 
2.3 Constitutive Model 
A constitutive model is a general equation that relates stress and strain at a given 
temperature and strain rate, using history-dependent state variables to characterize the 
microstructure.  This work develops a constitutive model for steel to predict the stress and 
inelastic flow behavior of solid steel at temperatures near the eutectoid transformation.  The 
approach considers multiple phases, which requires three components: a phase-fraction model to 
predict the type and amount of the solid phases present, a constitutive equation for each phase, 
and a mixture rule to predict the macroscopic behavior of the steel. 
The model of the mechanical behavior of multiphase steel mixtures in this work was 
developed for use in real steel processes, such as continuous casting, where thermo-mechanical 
conditions are spatially non-uniform, so the finite-element method is need to calculate the 
thermo-mechanical behavior. For example, a finite-element computational model with ~1,000 
second-order elements, run for 3,500 time increments will require constitutive calculations to be 
performed ~3.0 × 10
 times for one simulation, so the methods for predicting the phase fractions 
and constitutive behavior of the mixtures all must be very computationally efficient. 
2.3.1 Phase Fraction Model 
Accurate calculations of the different phases present in the steel, as a function of 
composition, temperature, and cooling rate, are essential in determining the constitutive behavior 
of a particular steel alloy. This is because the mechanical properties of liquid, -ferrite, austenite 
(gamma), -ferrite and pearlite vary by orders of magnitude. A phase diagram constructed of 15 
different points is used to calculate phase mass fractions as a function of composition and 
temperature. The location of the 15 phase-diagram points are shifted as functions of alloying 
content according to equations from Kagawa and Okamoto [14]. Within two-phase regions of 
  
12 
 
this phase diagram, simple lever rule calculations give the mass fractions of different phases in 
the steel as a function of composition and temperature. Figure 2.1 shows the iron-cementite 
phase diagram constructed for plain carbon steel as a function of temperature and weight percent 
carbon content. The six points defining the intermediate temperature behavior are numbered, and 
the remaining nine points that define the phase diagram at higher temperatures are not numbered. 
 
Figure 2.1. Phase diagram for plain carbon steel with 15 defining points. 
The connecting lines between most temperature points in the phase diagram are assumed 
to be straight. The linear function used to define temperature boundaries between separate phase 
regions is 
 trans transT a bC= +   (2.1) 
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where a  and b  are constants, transT  is the temperature along the transformation boundary and 
transC  is the carbon content along the boundary. A quadratic equation used for the transformation 
boundary defined by points 10, 11 and 12 is 
 
2
trans trans transT aC bC c= + +   (2.2) 
where a , b , and c  are constants that fit a quadratic bounding line to the three phase diagram 
points, calculated using 
 
10 1112 11
11 12 10 11
10 12
T TT T
C C C C
a
C C
−−
−
− −
=
−
  (2.3) 
 
( ) ( )2 210 11 10 11
10 11
T T C C a
b
C C
− − −
=
−
  (2.4) 
 ( )( )10 10 10c T C b aC= − +   (2.5) 
where #T  and #C  are the temperature and carbon content of a given phase diagram point. 
Having defined the phase transformation boundary lines the lever rule is used to calculate the 
fractions of phases present, defined as 
 
steelC Cf
C C
−
=
−
β
α
β α
  (2.6) 
where the two phases are represented by α  and β , fα  is the fraction of α  present, Cβ  is the 
carbon content at the current temperature at the β α β→ +  boundary, Cα  is the carbon content 
at the current temperature at the α α β→ +  boundary, and steelC  is the carbon content of the 
alloy grade. Several conditional expressions, dependent on the current temperature and steel 
carbon content, are used to determine which phase transformation boundaries should be used in 
the lever rule calculations. The carbon content of the ferrite phase is considered to be zero in this 
phase diagram when using lever rule calculations for the phase fractions present. This 
assumption is made because the solubility of carbon in the α -ferrite phase is very low and can be 
reasonably approximated as zero. 
Below the eutectoid temperature, which is 713°C for a plain carbon steel, the creation of 
pearlite begins. This phase transformation is not immediate, and the transformation rate depends 
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on the cooling rate and the steel composition. Calculation of the fraction of pearlite present 
cannot be predicted by a phase diagram because a phase diagram assumes infinitely slow cooling 
and therefore cannot predict the kinetics that govern the creation of pearlite. One method that has 
been previously used to model the kinetics of a phase change is the isothermal Johnson-Mehl-
Avrami-Kolmogorov (JMAK) equation [15] given below. 
 ( )1 exp nX bt= − −   (2.7) 
This equation requires that two empirical constants,  and  be determined based on the 
temperature and steel composition at which the phase transformation occurs. The cooling 
conditions found in continuous casting are very complex, so direct use of the isothermal JMAK 
equation is not practical. Figure 2.2 shows typical surface temperature fluctuations at the surface 
of a steel strand for a 260mm thick slab during secondary cooling near the eutectoid temperature, 
based on work in Chapter 3. Previous researchers have found that the additivity principle can be 
used to accurately predict the formation of pearlite under complex cooling by subdividing the 
thermal history into a series of isothermal transformations [16], which are typically tabulated in 
an Isothermal Transformation (IT) diagram. However, the additivity method requires extensive 
isothermal transformation data for a steel grade in order to calculate the constants b  and n  for 
each temperature. Extensive isothermal transformation curves are not as readily available as 
continuous cooling transformation curves giving the start and finish times for the creation of 
pearlite. Furthermore, the additivity method is difficult to apply to during cyclic temperature 
changes. A method to predict the pearlite phase transformation using only start and finish times 
from a continuous cooling diagram is desirable. 
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Figure 2.2. Surface temperature and derivative from caster model. 
Directly relating time with the fraction of pearlite formed in steel during continuous 
casting is difficult due to the complex cooling conditions the strand experiences during 
secondary cooling. It is preferable to relate the growth and dissolution of pearlite with 
temperature because experimental data for the steel eutectoid reaction as a function of cooling 
rate is readily available in continuous cooling diagrams for various steel grades. Two equations 
for the creation and dissolution of pearlite during cooling and reheating based on the method 
proposed by B.G. Thomas [11] for austenite are used: 
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where  is the pearlite transformation start time,  is the pearlite transformation finish time, 
subscript  denotes reheating and  denotes cooling,  is the weight fraction of pearlite,  is 
the weight percent carbon in the steel, Cα  is the weight percent carbon in the -ferrite, and 
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 is the weight percent carbon of the eutectoid point. In this work Cα  is approximated as 
zero. These equations produce the characteristic sigmoidal shape for phase fraction creation that 
is observed in experiments [16], [17] and predicted by the JMAK equation. This method of phase 
calculations proposed by Thomas uses temperature rather than time as the independent variable. 
These new equations for pearlite dissolution assume that only austenite will form from reheated 
pearlite. The method can also be easily fit to new data for the behavior of a particular steel grade 
because it only requires information about the start and finish temperatures of the phase 
transformation. 
Equations (2.8) and (2.9) are used during cooling and reheating of the steel, respectively. 
Equation (2.8) describes the minimum amount of pearlite that may be present during cooling 
when the temperature is between the bounds psrT  and pfrT . Equation (2.9) gives the maximum 
amount of pearlite that can be present during reheating when the temperature is between the 
bounds pscT  and pfcT . As such, the current phase fraction of pearlite is only modified with 
equations (2.8) and (2.9) if the previous phase fraction of pearlite is outside these minimum or 
maximum values during cooling or reheating, respectively. As such, there is hysteresis in the 
formation of pearlite during cooling and reheating. These two equations provide a robust method 
of calculating the creation and dissolution of pearlite based on only four experimental data 
points. While these two equations produce reasonable behavior for the creation and dissolution 
of pearlite, the selection of the  and  temperatures in these equations are for particular 
cooling rates, so these equations become less accurate as the pearlite start and finish 
temperatures vary with cooling rate. 
2.3.2 Constitutive Models for Austenite, Ferrite, and Pearlite 
Prediction of the mixture behavior of multiphase steel requires separate constitutive 
equations for each phase. Elasto-viscoplastic type equations for the austenite and -ferrite phases 
of steel have been developed by Kozlowski [3] and Zhu [6], using inelastic strain accumulated in 
the solid as the state variable for microstructure, but an efficient equation for the constitutive 
behavior of pearlite at eutectoid temperatures is needed. Because the elasto-viscoplastic model 
must be computationally efficient to integrate, an equation of the same form as Kozlowski’s 
Model III for austenite was used, where ieεɺ is the effective inelastic strain rate, σ is the effective 
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stress, ieε  is the effective inelastic strain, and cε and cσ are either plus or minus unity. 
Kozlowski’s Model III of austenite has been used in several models of the steel casting process 
due to its cost-effectiveness and accuracy [18], [4], [19]. 
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To generalize this uniaxial relation into three dimensions, the Prandtl-Reuss [20] 
equations are used.  
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The Odqvist effective inelastic strain rate is defined as: 
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and the von Mises effective stress is defined as 
 
3
2
σ = ′ ′σ : σ
  (2.13) 
where  !  is the deviatoric stress tensor, which is calculated to be invariant with respect to 
pressure. Pressure has been shown to not affect the inelastic flow in most materials that are not 
subjected to very large pressures, and is a reasonable assumption for the loading solid steel 
experiences in the continuous casting process. The deviatoric stress tensor is defined as: 
 
p′ = −σ σ I
  (2.14) 
where " is the pressure exerted on the material, defined as: 
 
1
3 kk
p σ=   (2.15) 
In the model of this work, while the steel is assumed to harden isotropically, the 
hardening parameter # and effective stress both have an associated sign, allowing the steel to 
exhibit the Bauschinger effect and inelastic shakedown under repeated cyclic loading. 
Specifically, the constants cσ  and cε are signs (+1 or -1) found as follows, 
 ( )1 2 3max , ,iσ = σ σ σ   (2.16) 
 ( )ic signσ = σ   (2.17) 
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 ( )1 2 3ma , ,xiie ie ie ieε = ε ε ε   (2.18) 
 ( )iiec signε ε=   (2.19) 
where iσ  and iieε  are the principal stress and principal inelastic strain with the largest 
magnitudes, respectively. The signs associated with these principal values are then used in 
Equation (2.10). This methodology works well during uniaxial loading, but does have issues with 
discontinuous sign changes under shear loading. Including the Bauschinger effect in a 
constitutive model is critical for accurate material behavior modeling of steel at elevated 
temperatures under cyclic loading. 
To calibrate the coefficients for the new pearlite model, the constitutive equations were 
integrated for the conditions of uniaxial, spatially-uniform experiments, where measurements of 
stress and total strain were available. Integration was performed using a simple predictor 
corrector method [21] using MATLAB [22]. Integration of these constitutive equations in a 
computational finite-element model is described elsewhere [4].   
Under uniaxial tension or compression, the signed effective stress $% and signed 
effective inelastic strain rate #&̅( values are equal to )) and &)), respectively. As such, for 
uniaxial loading behavior, Equation (2.10) simplifies to: 
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  (2.20) 
where the 11 direction is the loading direction. 
Calibration of the pearlite constitutive equation to match monotonic extension and cyclic 
loading experimental data for a mild carbon steel from Knobloch [23] and Slavik [2] was 
performed. Knobloch provided stress and total strain data for monotonic extensions at 3 
temperatures and 3 strain rates, discretized into 11 data points for each test. Slavik provided 
cyclic loading data at one temperature and strain rate, discretized into 17 data points. To 
optimize matching between the new constitutive equation and experiments an error metric * was 
introduced, calculated as: 
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19 
 
where + is the total number of stress-strain points in all 10 experimental data sets, , is the 
stress predicted by the model,  is the experimentally measured stress. Thus this error is the -. 
norm of the vector of differences in stress magnitudes, normalized by the number of points. 
Minimization of this error was performed using the Nelder-Mead optimization method [24]. This 
method was selected because it is robust, does not require derivative calculations, and is 
unconstrained. 
2.3.3 Mixture Models 
Accurately modeling the mixture behavior of multiple phases of steel is dependent on the 
microstructure of the mixture. The influence of microstructural orientation on the macroscopic 
mechanical properties of materials is easily understood in the case of reinforced polymers, such 
as carbon fiber reinforced composite materials. In these materials, the elastic modulus of the 
composite material can be calculated using a rule-of-mixtures formulation, assuming same 
strains or same stresses in the two composite materials. Rule-of-mixture equations can also be 
used to calculate the mixture behavior of solid steel phases, such as austenite and ferrite, or 
ferrite and pearlite. 
The microstructure of steel during continuous casting creates anisotropy in the 
mechanical behavior of the steel. A chill zone of grains forms near the surface of the cast steel 
strand. Past the chill zone, columnar grains grow from the chill zone that are preferentially 
oriented for growth towards the liquid pool. Under certain cooling conditions, proeutectoid 
ferrite will form at the grain boundaries of the columnar austenite grains. At temperatures and 
cooling conditions where grain boundary ferrite has formed, the microstructure of a continuously 
cast steel strand is very similar to the microstructure of a fiber reinforced composite. Strong 
oriented columnar grains of austenite are interconnected with a weaker ferrite material. Stresses 
and strains in the casting direction then pull in the transverse direction to the oriented columnar 
austenite grains. Calculation of the mechanical behavior of multiphase steel mixtures depends on 
the microstructure of the phases. 
The thermal strain of a material is modeled as 
 ( )th refT Tε α −= I   (2.22) 
where () is the temperature-dependent coefficient of thermal expansion,  is the temperature, 
and  is the reference temperature where the thermal strain is considered to be zero. In this 
work, the mechanical behavior of mixtures of austenite and ferrite are considered over a 
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temperature range. During the phase transformation from austenite to ferrite, the steel will 
contract due to temperatures changes and phase transformations. Thermal strains will thus occur 
in a non-isothermal mixture of austenite and ferrite, depending on the phase and the phase 
transformation boundary. Consideration of phase-dependent thermal strains at boundaries of 
austenite and -ferrite is beyond the scope of this work. A version of total strain totεɺ  is thus 
defined here as: 
 th
totε ε ε= −ɺ ɺ ɺ
  (2.23) 
that avoids considering the effects of thermal strain(s) in the multiphase mixtures. 
Three mixture models were considered in this work. The first is a simple switching 
method, and the other two models use rule-of-mixture equations on the stress and strains of the 
phase fractions in the mixture. The switch mixture model assumes that one phase fraction 
dominates the mechanical behavior of the mixture at some threshold fraction χ. As such, the 
mechanical behavior is calculated using: 
 
1
1
if  
if  
tot f
f
> χ
=  ≤ χ
1
2
ε
ε
ε
ɺ
ɺ
ɺ
  (2.24) 
 
1
2
1
1
if  
if  tot
f
f
σ χ>
≤

σ = 
σ χ
  (2.25) 
In this work the value for χ was 0.10 for mixtures of both austenite plus ferrite and pearlite plus 
ferrite. The ferrite phase was considered as phase number one, and either austenite or pearlite 
were considered as phase number two, so the ferrite constitutive equation was used when more 
than 10% of ferrite was present in the mixture. 
The two rule-of-mixture equations evaluated are the classic Voigt and Reuss mixture 
models. A Voigt mixture model assumes that the two materials experience the same strains, 
while a Reuss mixture model assumes that the two materials experience the same stresses. A 
graphical representation of these two models is given in Figure 2.3. 
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Figure 2.3. Graphical representation of the (a) Reuss and (b) Voigt mixture models. 
Calculation of the Voigt mixture behavior, where the phases have the same total strain 
rate along the loading axis, is performed using the following equations: 
 1 2
tot tot totε ε ε= =ɺ ɺ ɺ
  (2.26) 
 1 1 2 2tot f f= +σ σ σ   (2.27) 
where 1
totεɺ
 and 2
totεɺ
 are the total strain rates in the first and second phases in the mixture, 
respectively, and ) and . are the stresses in the first and second phases, respectively, and  
is the average stress in the mixture. All stresses and strain rates are computed only along the 
loading axis. 
Calculation of the Reuss mixture behavior, where the phases have the same stress in the 
loading direction, and therefore the same stress rate, is performed using: 
 1 1 2 2
tot tot totf fε ε ε= +ɺ ɺ ɺ
  (2.28) 
 1 2tot = =ɺ ɺ ɺσ σ σ   (2.29) 
In all three mixture models of austenite plus ferrite, the newly forming ferrite phase was 
treated as a single phase; there was no differentiation between ferrite formed at the start of the 
phase transformation versus ferrite formed at the end of the phase transformation. During a phase 
transformation, the new phase formed at the transformation start will experience more inelastic 
(a)         (b) 
) = .       &) = &. 
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strain during mechanical loading than new phase that is formed later during the transformation. 
To account for the different deformation history between the old and newly transformed ferrite in 
the Reuss mixture model, the inelastic strain in the evolving ferrite phase is integrated as a 
weighted function of the ferrite phase fraction present: 
 ie ie f dtα α αε ε= ∫ ɺ   (2.30) 
The inelastic strain in the evolving phase at a given time is thus an average of the 
inelastic strain experienced by the newer and older ferrite during the phase transformation. 
Integration of the constitutive models, including the Voigt, Reuss, and switch mixture models 
was performed in MATLAB using an implicit predictor-corrector method. All constitutive 
models were integrated for the case of uniaxial loading. 
2.4 Phase Fraction Results 
The phase fraction predictions near the eutectoid temperature for a 1070 steel are shown 
in Figure 2.4. The formation of proeutectoid ferrite begins at 719°C and finishes at 713°C after 
forming 12.5% weight of the total composition, using the equilibrium phase diagram. Thus, 
while a 1070 steel eventually forms a total of 89.5% ferrite and 10.5% cementite, the 
proeutectoid ferrite phase is considered separately from the ferrite that forms in the pearlite 
phase. This is due to the difference in constitutive behavior between proeutectoid ferrite and 
ferrite that forms as a part of the lamellar structure of pearlite. The eutectoid transformation 
begins at 640°C and finishes at 590°C and is calculated using Equation (2.8), which models the 
pearlite transformation for cooling through the use of start and finish temperatures. These start 
and finish temperatures were chosen from a continuous cooling transformation diagram [25] at a 
cooling rate of 500°C/min based on cooling rates that will be presented in Chapter 4. 
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Figure 2.4. Low temperature phase transformations for a 1070 steel. 
The phase fractions for a 1005 steel, with 0.045 weight percent carbon, are shown in 
Figure 2.5. Steels such as this, with a carbon content further below the eutectoid carbon content 
of 0.8 weight percent, will form more proeutectoid ferrite with the transformation also beginning 
at higher temperatures. The formation of proeutectoid ferrite in this steel grade begins at 889°C 
and finishes 719°C, after forming 94.375% by weight of the steel. Because the formation of 
proeutectoid ferrite is based on equilibrium cooling, it does not produce the same sigmoidal 
phase transformation behavior seen in experiments [17]. However, the difference between the 
equilibrium model transformation and experimental measurements is most significant at the start 
of transformation, in that the initial transformation rate of proeutectoid ferrite in this model is 
very high. This will only lead to small discrepancies between this model and kinetic models 
about the initial small amount of proeutectoid ferrite that is first formed. The eutectoid 
transformation begins at 719°C and finishes at 660°C and was taken from a continuous cooling 
diagram [25] for a cooling rate of 500°C/min. 
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Figure 2.5. Low temperature transformations for a 1005 steel. 
The previous figures have shown how the creation of pearlite is modeled during cooling. 
The new pearlite model also determines the behavior pearlite during reheating using Equation 
(2.9), when it stops transforming and eventually begins to dissolve. Figure 2.6 shows the 
predicted phase transformation curves for the creation and dissolution of pearlite for a 1070 steel, 
with the following temperatures noted: psrT  , pearlite start during cooling, pfrT , pearlite finish 
during cooling, pscT , pearlite start during reheating, and pfcT , pearlite finish during reheating. 
The pearlite creation and dissolution curves both follow the characteristic sigmoidal shape for 
phase changes, assuming a constant cooling rate such that temperature is directly proportional to 
time. In this model, it is assumed that only austenite is formed from dissolving pearlite. During 
reheating there are then two ways that austenite can be created: by the dissolution of pearlite 
determined from Equation (2.9) or by the dissolution of ferrite determined by the lever rule. 
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Figure 2.6. Pearlite creation and dissolution during cooling and reheating for 1070 steel. 
As seen in the above examples, this method produces different phase-fraction – 
temperature diagrams according to the given steel grade and transformation temperatures. Taking 
this data from readily-available sources (phase diagrams and IT diagrams) enables this model to 
predict constitutive behavior for a wide range of plain carbon steels and non-equilibrium 
conditions.   
2.5 Constitutive Model Results 
A second critical part to the prediction of the constitutive behavior of multiphase steel 
mixtures is the use of accurate constitutive equations for each separate phase. Previous 
researchers have developed useful constitutive equations for the austenite and ferrite phases of 
steel [3], [6]. A new constitutive model for pearlite was developed in this work to also 
investigate the mixture behavior of ferrite and pearlite. Monotonic extension tests performed at 
various strain rates and temperatures, as well as cyclic loading data, were used to calibrate this 
constitutive model. The optimized constants for the pearlite constitutive equation, presented 
again as Equation (2.31) were: 
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where the Macaulay brackets around the temperature dependent function for aε  denote that the 
minimum possible value for this constant is zero. 
A comparison between constitutive model predictions and experimental data is shown in 
Figure 2.7. The behavior of this constitutive model fits experimental data well for variations in 
strain rate and temperature. The constitutive model was only fit to experimental data for strains 
up to 2.0% because the continuous casting process involves small strains. The error metric E  
defined in Equation (2.21) between the constitutive model and monotonic tensile experimental 
data was 1.55 MPa, showing excellent agreement. As shown in Figure 2.7, the strain hardening 
behavior of pearlite is strongly dependent on temperature. At higher temperatures of 700°C the 
pearlite phase reaches a saturation stress at approximately 0.2% total strain, while at 400°C the 
pearlite hardens from yielding at 200 MPa and 0.2% strain to approximately 300 MPa at 2.0% 
strain. Calibrating the temperature and strain rate dependence of the constitutive behavior of steel 
phases is important, and this model shows excellent agreement with experimental data for these 
dependencies. It is also important to verify the cyclic loading behavior of the constitutive 
models, as the mechanical loading that the steel strand experiences during secondary cooling 
from bulging and non-uniform heat extraction is cyclic. 
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Figure 2.7. Constitutive model and tensile experimental results for pearlite. 
To this end, the constitutive model was simultaneously calibrated to experimental cyclic 
data [2] for a 1070 steel at 600°C. This cyclic loading was performed at a strain rate of 
6 1102.0 s− −×  and to total tensile and compressive strains of 1.0%. Figure 2.8 illustrates the 
differences between the constitutive model and experimental data for cyclic loading. The 
constitutive model did not fit this cyclic data as well as the monotonic tensile experimental data, 
but still provided a reasonable match. The error as defined in Equation (2.21) between the 
constitutive model and the cyclic loading data was 11.2 MPa. While the cyclic behavior for the 
constitutive model does not fit the general behavior for one cycle exceptionally, this constitutive 
model is able to replicate the Bauschinger effect and so will avoid the elastic shakedown 
behavior that isotropically hardening constitutive models exhibit under repeated cyclic loading. 
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Figure 2.8. Constitutive model and experimental cyclic loading results. 
During continuous casting, the steel strand will also undergo loading that is dominated by 
time-dependent flow, as is measured in creep and stress relaxation tests. To evaluate the new 
pearlite constitutive model behavior under these conditions, it was compared with experimental 
stress relaxation data for a 1070 steel [2]. This stress relaxation test was performed with multiple 
extensions, each extension was performed at a strain rate of 3 1102.0 s− −×  up to a final total strain 
of 1.0%. Figure 2.9 shows a comparison between the new constitutive model and the 
experimental stress relaxation data, showing a very good fit. The error between the constitutive 
model and the stress relaxation data was 15.2 MPa. The constitutive model was not fit to this 
stress relaxation data during calibration, so the fit is considered to be very good. As shown in 
Figure 2.9, the constitutive model under-predicts the peak stresses immediately after extension, 
and the model over predicts the stress magnitudes during stress relaxation. 
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Figure 2.9. Constitutive model and experimental results for a multi-stage stress relaxation. 
The fit of the constitutive model to measured uniaxial tensile tests and cyclic loading 
experimental data was very good and its comparison with stress relaxation experimental data 
matched very well. Although the constitutive model does not have an excellent match for the 
cyclic loading data, it does exhibit the same cyclic loading behavior during continued cycles. 
Models with isotropic hardening that cannot replicate the Bauschinger effect will not match 
experimental data after large amounts of cycles and can exhibit elastic shakedown, which is not 
appropriate behavior for steel at high temperatures [2]. The behavior of this new constitutive 
model for 1070 steel, which is very near the eutectoid composition for steel, is good for use to 
predict the temperature- and strain-rate- dependent constitutive behavior of pearlite under 
arbitrary loading conditions, including monotonic extensions and cyclic loading. 
2.6 Mixture Model Results 
To evaluate the different mixture models, two compositions of multiphase steel mixtures 
were considered in this work: a mixture of ferrite and austenite, and a lower temperature mixture 
of austenite and pearlite. To consider the transitional behavior of austenite as it cools and forms 
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proeutectoid ferrite, the mixture of ferrite and austenite is considered for a 1005 steel as it cools 
from 900°C through the proeutectoid ferrite transformation, to 700°C. Consideration of the 
multiphase mixture behavior of proeutectoid ferrite and pearlite was performed isothermally at a 
temperature close to the eutectoid temperature for 1070 steel. Three mixture models, a switch, 
Voigt, and Reuss model were considered for both mixture model cases. Each mixture model 
simulation was performed at two different total strain rates, 4 1101.0 s− −×  and 5 1101.0 s− −× . 
Uniaxial tension stress-strain results for the constitutive behavior of mixtures of austenite 
and ferrite are shown in Figure 2.10. The black vertical lines at 889°C and 719°C indicate where 
the phase transformation from austenite forming proeutectoid ferrite begins and finishes. The 
uniaxial tension test was performed for a total strain (not including the thermal strain) of 5.0%. 
The stress predictions for the switch and Reuss mixture models are both very similar. Because 
the Reuss mixture model assumes that the newly forming ferrite phase forms perfect layers 
perpendicular to the loading direction, the weak ferrite phase immediately dominates the 
predicted behavior of the steel mixture. The switch model behaves very similarly to the Reuss 
model, also predicting that the ferrite dominates the mechanical behavior of the mixture. 
However, the switch model uses a criterion to determine whether the austenite or ferrite phase is 
dominating the behavior of the steel mixture. The ferrite constitutive equation is used to predict 
the mixture behavior only after the ferrite phase has formed 10% of the weight percent of the 
steel. The Voigt mixture model predicts a more continuous transition between the mechanical 
behavior of pure austenite to pure ferrite, predicting gradually lower stresses during the 
transformation, eventually matching the constitutive behavior of pure ferrite at the end of the 
phase transformation. 
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Figure 2.10. Mixture models during transformations for a low carbon steel. 
Uniaxial tension mixture model simulations for the transition from austenite to ferrite 
were also performed at a lower strain rate of 5 1101.0 s− −×  to investigate if strain rate affects the 
qualitative behavior of mixture models. The stress-strain results for lower strain rate extensions 
are shown in Figure 2.11. The stress predictions for the mixture models and the behavior of 
ferrite and austenite are lower for this lower strain rate, but the qualitative behavior of the switch, 
Voigt, and Reuss mixture models is identical to that at a higher strain rate in Figure 2.10. 
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Figure 2.11. Mixture models during transformations for a low carbon steel. 
Uniaxial tension-test simulations of mixtures of ferrite and pearlite were also considered, 
using the new elasto-viscoplastic type constitutive equation presented in this work. These 
simulations were performed at 710°C for a 1070 steel, assuming the steel had cooled for long 
times to fully transform the austenite into pearlite. At a carbon content of 0.7% by weight, this 
steel is composed of 12.5% ferrite and 87.5% pearlite by weight.  The predicted stress strain 
results for a uniaxial extension up to a total strain of 1.0% are shown in Figure 2.12. The Voigt 
mixture model behaves very similarly to pure pearlite, yielding at a stress approximately 8 MPa 
lower than the pure pearlite, a decrease of 11%. The Reuss mixture behavior initially behaves 
very similarly to pure ferrite and the switch mixture model. However, the Reuss mixture hardens 
more rapidly than the switch mixture model. This is a combination of two factors that affect the 
hardening behavior of the Reuss model: the inelastic strain rate in the small amount of ferrite is 
higher, and more inelastic strain is accumulated in the ferrite phase. Because the total strain rate 
is partitioned between the austenite and ferrite phases in the Reuss model according to Equation 
(2.28), the total strain rate applied to the ferrite phase will be larger than in the switch model 
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because of the smaller inelastic strain rate in the stronger austenite phase. This higher strain rate, 
due to the strain partitioning between the austenite and weaker ferrite phases, will also create 
more inelastic strain accumulation in the ferrite phase than in the switch model. This increases 
the amount of inelastic strain hardening behavior in the ferrite phase in relation to the total strain 
that is applied to the mixture. 
 
Figure 2.12. Mixture models for 1070 steel at 710°C, composed of 12.5% ferrite and 87.5% 
pearlite by weight. 
Isothermal uniaxial extension simulations for pearlite and ferrite were also performed at a 
lower strain rate of 5 1101.0 s− −×  to examine the effect of strain rate on the mixture behavior of 
ferrite and pearlite. Figure 2.13 shows the stress results for the lower strain rate. Comparing the 
behavior between Figure 2.12, the mixture models behave very similarly, but at smaller stresses 
than at higher strain rates. 
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Figure 2.13. Mixture models for 1070 steel at 710°C, composed of 12.5% ferrite and 87.5% 
pearlite by weight. 
The stress predictions between the mixture models for ferrite plus pearlite are important, 
as well as the inelastic strain predictions. Predicting inelastic strain accumulation is an important 
aspect of predicting fatigue failure in materials. The inelastic strain accumulation for the Voigt, 
Reuss and switch mixture models of ferrite plus pearlite are shown in Table 2.1. The differences 
in inelastic strain rate behavior between the Reuss and the switch mixture model are why the 
stress predictions, and inelastic strain accumulation, are different between these two models. The 
Reuss mixture model accounts for effects of strain partitioning in the ferrite phase because it is 
weaker than the pearlite phase and only comprises a small percent of the total material in the 
mixture. 
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Table 2.1. Inelastic strains for 1070 steel mixture models at 710°C, 1.0% total strain, and 4 1101.0 s− −×  
strain rate. 
 Switch Model [%] Reuss Model [%] Voigt Model [%] 
Ferrite 0.99 7.74 0.99 
Pearlite 0.0 32.66 10−×   0.95 
Mixture 0.99 0.97 0.96 
  
2.6.1 Discussion 
Use of a switch mixture model for the multiphase constitutive behavior of steel mixtures 
is reasonable because of the dominating behavior of the soft ferrite phase. Previous work by 
researchers has found anisotropic behavior in as cast steel samples in the casting direction versus 
the solidification direction [13]. Networks of proeutectoid ferrite forming around austenite grain 
boundaries has also been found [8], [26]–[28]. The Reuss and switch mixture models would 
therefore be the most reasonable for modeling the constitutive behavior of the steel strand for 
loading in the casting direction, while the Voigt mixture model would be reasonable for 
modeling the constitutive behavior for loading in the solidification direction. 
The strength of austenite and pearlite phases is much higher than that of ferrite, and so 
their inelastic behavior can be reasonably ignored during mechanical loading of steel mixtures 
using the Reuss and switch methods. The lower computational cost of integrating a switch 
mixture model is also very desirable. Robust implicit integration of a Reuss mixture model 
would be difficult, as it would require a method to implicitly integrate two constitutive equations 
at once. Because of this difficulty, implementation of a Reuss mixture model for use in a finite-
element code is not currently recommended. A Reuss mixture model used in a finite-element 
code for mixtures of ferrite plus austenite or ferrite plus pearlite would also require a formulation 
to calculate the constitutive behavior of ferrite for finite strains. As shown in Table 2.1, for an 
extension of only 1.0% of the total material, the inelastic strain experienced by the weaker ferrite 
phase is much larger, reaching 7.74%. 
While these mixture models are useful and accurate for small strains, more work 
investigating the behavior of the soft ferrite phase during large strains would be useful, 
particularly for the determination of a macroscopic failure criterion for a multiphase steel 
mixture based on the microscale interactions between the ferrite phase and the harder austenite 
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and pearlite phases. A method of calculating the ferrite constitutive behavior at finite strains 
would also be useful in allowing accurate predictions of both the macroscopic stress response 
and the inelastic strains experienced by the ferrite phase. To accomplish this, a simplified Reuss 
mixture model could be used to calculate the stress-strain response of multiphase mixtures of 
steel. Because the austenite and pearlite phases are so much stronger than the ferrite phase, a 
reasonable approximation to the Reuss mixture model is to assume only elastic behavior in the 
austenite and pearlite phases. This simplified Reuss model would then provide the computational 
efficiency of the switch model and the inelastic strain partitioning provided by the Reuss model. 
However, while this method would be straightforward to implement for isothermal conditions, 
methods to determine the inelastic strain accumulation and hardening behavior in the ferrite 
phase during phase transformations would also need to be developed. 
2.7 Conclusions and Future Work 
This work presents a new methodology to model constitutive behavior of steel in the 
eutectoid-temperature range of 400°C to 850°C, including the microstructural effects of the 
eutectoid phase transformation. The methodology is composed of three sub-models to calculate: 
the solid phases present, the constitutive behavior of the individual phases, and the mixture 
behavior of the phases based on the microstructure. 
Calculation of the solid phases present is performed using an equilibrium phase diagram 
and temperature-dependent kinetic equations for the transformation of austenite into pearlite. The 
equations for pearlite transformation model both the formation and dissolution of pearlite, also 
including hysteresis between the transformations of austenite into pearlite versus pearlite into 
austenite. This new pearlite transformation model uses transformation start and finish 
temperatures that are readily available for many steel alloys via TTT diagrams, and has 
applications for steel processes with complicated cooling and reheating conditions. 
A new constitutive equation is developed for pearlite that performs well under 
temperature- and strain-rate- dependent conditions, also matching experimental cyclic behavior. 
A constitutive model that matches the cyclic loading behavior of steel is important for modeling 
steel process that involve repeated cyclic loading, such as secondary cooling in continuous 
casting.  The steel strand in continuous casting experiences cyclic loading the due to the cyclic 
thermal loading from water sprays and roll contacts in secondary cooling.  
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The new pearlite constitutive model is combined with previous models for ferrite and 
austenite using three different mixture models: switch, Voigt, and Reuss models. The Reuss 
model is most appropriate for use in the continuous casting process due to the microstructure that 
develops in the steel strand during solidification. The switch mixture model performs similarly to 
the Reuss method, but at a lower computational cost, which is very desirable for a constitutive 
model that may be used over 3.0 × 10
 times for one finite-element simulation. Further work to 
develop a simplified Reuss mixture model that also appropriately calculates the inelastic strain 
accumulated in the ferrite phase would be useful in predicting the failure of ferrite in mixtures of 
ferrite plus austenite or ferrite plus pearlite. 
 Combining the new model presented in this work with steel composition information 
from an appropriate TTT or CCT diagram enables prediction of constitutive behavior of many 
steel alloys by considering the mechanical effects of phase mixtures and transformations. This 
new method of predicting mechanical constitutive behavior of steel can predict the mechanical 
behavior of steel grades specific experimental test data about the mechanical properties of a 
particular steel grade, significantly increasing the possible applications for this new model. 
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Chapter 3: Thermo-mechanical Model of the 
Solidifying Steel Strand 
3.1 Summary 
The thermo-mechanical behavior of the solidifying steel strand from meniscus to caster 
exit is explored in this work with a small-slice computational model based on CON1D [1] and 
ABAQUS [2], using specialized boundary conditions to simulate loading during mold and 
secondary cooling. Different compressive and tensile loading is observed at the inside- and 
outside-radii due to bending and unbending. The cyclic loading experienced by the strand during 
secondary cooling is the particular focus of this work.  Locations near the strand surface 
experience two complete stress-strain cycles between every roll pair in secondary cooling due to 
surface quenching from roll contact and water sprays. The complicated stress and inelastic strain 
histories experienced near the strand surface contribute to the formation of transverse cracks, and 
provide insight for future work. 
3.2 Introduction 
Previous computational models have quantified the heat transfer in a continuous caster 
[1], [3]–[5].  Several stress models have investigated the mechanical behavior of the shell during 
initial solidification in the mold [4]–[9]. Such models of the thermo-mechanical behavior of the 
strand during initial solidification can be useful in predicting many phenomena with direct 
practical application for industrial casting, such as ideal mold taper or the development of initial 
defects in the mold, such as depressions or shell thinning [10]. However, some defects like 
transverse cracks also require modeling the secondary cooling process to study the effects of 
bending, unbending, thermal strains, and bulging on the steel strand. Due to the complexity of 
these phenomena that occur in secondary cooling, these effects have not yet all been included in 
one computational model in an accurate, comprehensive manner.  
It is computationally demanding to simulate the thermo-mechanical behavior through the 
entire caster, and of those previous models that do venture below the mold, most only investigate 
either bulging [11]–[13], or unbending [14], [15]. Only a few study both unbending and bulging 
[16]–[18]. The mechanical effects of non-uniform heat transfer due to water spray cooling and 
roll contacts are not included; yet these phenomena significantly affect the periodic cyclic 
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loading that the strand experiences in secondary cooling, particularly at or near the strand 
surface. This work investigates the mechanical effects of strand surface temperature fluctuations 
on the mechanical loading of the steel strand in secondary cooling. Bulging of the steel strand is 
a complex phenomenon, the viscoplastic deformation behavior of the steel must be accounted for 
and large model domains must be used to appropriately model one entire roll pitch, as this is the 
smallest period over which bulging occurs. The boundary conditions that are used at each end of 
a typical bulging model are also difficult to determine. Despite these difficulties, the previous 
models of bulging phenomena  are able to match experimental measurements of maximum bulge 
or strand bulging profiles [11]–[13]. 
To accurately model the mechanical behavior of the steel during the entire continuous 
casting process, calibrated constitutive equations for the inelastic behavior of the steel are 
required. Steel constitutive equations should incorporate both elastic-viscoplastic behavior and 
kinematic hardening. The latter is needed because the steel strand experiences cyclic loading 
during secondary cooling, and kinematic hardening will avoid excessive hardening or elastic 
shakedown if large inelastic strains are accumulated. Accurate and useful experimental testing 
requires subjecting the samples to the same thermo-mechanical loading histories experienced in 
the caster. Computational models are essential tools to quantify the real loading conditions.  
Towards this goal, this work develops a computational model to quantify the thermo-mechanical 
behavior of a typical slab caster to help avoid transverse crack formation. 
3.3 Computational Model 
The thermo-mechanical behavior of the solidifying steel strand from meniscus to caster 
exit is quantified with a one-way coupled thermal and mechanical finite-element model 
developed in ABAQUS 6.13-2 [2]. This Lagrangian model analyzes a narrow slice through the 
strand thickness extending from the inside-radius (IR) surface to the outside-radius (OR) surface 
at the wide face centerline. This model domain travels through the caster at the casting speed, as 
shown in Figure 3.1, and so the thermo-mechanical boundary conditions vary with time below 
the meniscus. This analysis technique makes the valid assumption that axial conduction is 
negligible relative to advected energy transfer, as the Péclet number of the process is very large 
[1]. Special mechanical constraints are imposed on this small moving domain to realistically 
impose bending and unbending. 
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(a) (b) 
Figure 3.1. Location of the model domain in continuous slab-casting machine a) side view 
(ccc.illinois.edu); b) isometric view. 
3.3.1 Governing Equations 
A Lagrangian form of the two-dimensional (2-D) transient heat transfer equation is 
solved, 
 ( )( ) H k T T
t
∂ ρ = ∇ ⋅ ∇ ∂ 
  (3.1) 
where 3 is the mass density, 4() is the temperature-dependent specific enthalpy, 5 is the 
isotropic thermal conductivity, and  is the temperature. Heat conduction in the transverse (z) 
direction is zero due to symmetry.  
The mechanical equilibrium equation is solved, 
 
0∇⋅ =σ
  (3.2) 
where 6 is the stress tensor field. Body forces and related effects such as strand bulging due to 
gravity (ferrostatic pressure) were neglected. 
The strains are less than 0.025 m/m, so, the standard small-strain, linearized strain-
displacement relation is appropriate: 
 ( )1 2 T= ∇ + ∇ε u u   (3.3) 
The total strain rate tensor is additively decomposed into three separate parts, 
 el th ie  = + +ε ε ε εɺ ɺ ɺ ɺ   (3.4) 
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the elastic, thermal and inelastic strain rate tensors. The thermal strain tensor was calculated 
from: 
 ( )th refT T= α −ε I   (3.5) 
where () is the isotropic temperature-dependent coefficient of thermal expansion, 7 is the 
identity tensor, and  is the reference temperature, defined here as the solidus temperature. 
The inelastic strain tensor is calculated using two different elasto-viscoplastic constitutive 
equations depending on the phases present in the steel. The following scalar elasto-viscoplastic 
equation is used to model the steel behavior 
 
( )
( )
% , , ,    0.90 
% , , ,   0.90
ie
ie
ie
f C T if
f C T if
γ
δ
ε σ γ>
ε = 
ε σ γ <
ɺ
  (3.6) 
where 8 and 9 are the elasto-viscoplastic constitutive equations for austenite and delta-ferrite 
developed by Kozlowski [19] and Zhu [9], respectively, : is the phase fraction of austenite 
present, % is the weight percent carbon in the steel, % is the effective stress, &̅ is the effective 
inelastic strain, and &̅(<= is the effective inelastic strain rate. The elasto-viscoplastic constitutive 
equations are integrated by solving two coupled ordinary scalar differential equations using a 
bounded Newton-Raphson search method [20], [21]. 
To generalize Equation (3.6) into three dimensions, the Prandtl-Reuss [22] equations are 
used 
 
3
2
ij
ie ie
σ
ε ε
σ
′
=
ɺɺ
  (3.7) 
where the Odqvist effective inelastic strain rate is defined as: 
 
2
:
3ie ie ie
ε = ε εɺ ɺ ɺ   (3.8) 
and the von Mises effective stress is defined as: 
 
3
2
σ = ′ ′σ : σ   (3.9) 
 The stress response is calculated from the elastic strains using Hooke’s law 
 : el=σ C ε   (3.10) 
  
44 
 
where C   is the temperature-dependent fourth order isotropic elastic stiffness tensor. The fourth 
order isotropic elasticity tensor for steel can be defined using the two Lamé constants λ  andµ , 
which can be calculated using the Young’s modulus E  and Poisson’s ratio ν as: 
 ( ) ( )1 1 2
E
+
νλ
ν −
=
ν
  (3.11) 
 ( )2 1
Eµ =
+ ν
  (3.12) 
The fourth order elasticity tensor C  can then be defined as: 
 ( )ijkl ij kl ik jl il jkC λδ δ µ +δ δ δ δ= +   (3.13) 
where ijδ  is the Kronecker delta. 
3.3.2 Boundary Conditions 
Mold heat flux and convective film coefficients for the strand surface were calculated 
using CON1D [1] for a representative caster. CON1D calculates the mold heat flux by determining 
the thermal resistance of the gap between the mold cold face and strand surface, including 
important phenomena such as: contact resistances, air gaps, conduction through the liquid and 
solid slag, radiation through the mold flux, water scale buildup at the mold cold face, mold hot 
face coatings, and oscillation marks. Convective film coefficient values in CON1D are calculated 
using an equation of the form  
 ( )0   1  nspray wh AcQ bT= −   (3.14) 
where ℎ?@ is the film coefficient in [5B/D.E], GH is the water flow rate in [-/D.I], J is 
the water spray temperature, and K, , ,  are constants with values from Nozaki [23]. Because 
heat transfer in steel continuous casting has a large Peclet number, heat conduction in the casting 
direction is neglected by insulating the top and bottom surfaces of the model domain. Heat 
conduction in the transverse direction is zero due to symmetry, and is implemented in the model 
by using 2D elements in the XY plane which do not conduct heat in the width (z) direction. The 
thermal boundary conditions are assumed to be the same at the inner and outer radius, so thermal 
results are symmetric about the strand centerline. Figure 3.2 shows the mold heat transfer 
boundary conditions and the first four rolls of the convective film boundary conditions. 
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Figure 3.2. Thermal boundary conditions at the strand surface.  
The peaks of the convective film coefficient correspond to the water spray and support 
roll contact zones in secondary cooling. The water spray zones are 50 mm wide, the roll contact 
zones are 18 mm wide, and the gaps between support roll contact and water spray are 118 mm 
wide. Natural convection and radiation control the energy removal from the strand during 
ambient cooling. A schematic illustrating the secondary cooling mechanisms is shown in Figure 
3.3. Application of thermal boundary conditions at the strand surface in the mold and secondary 
cooling is performed using the ABAQUS user subroutines DFLUX and FILM, respectively. 
 
Figure 3.3. Schematic of secondary cooling mechanisms at the strand surface [1]. 
The mechanical response of the steel is calculated based on temperature results input 
from the thermal model. The mechanical boundary conditions allow for free expansion and 
contraction of the caster cross-section’s liquid core, and assume a machine taper of zero. A 
machine taper of zero is equivalent to a constant roll gap profile and no mold taper. Bending and 
unbending are imposed by controlling the slope of the top boundary of the model domain. The 
nodes on the top boundary of the model domain are constrained to remain in a straight line, 
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thereby requiring that plane sections remain plane during bending of the steel strand. The slope 
D of this top boundary line is calculated as a function of the machine radius M and the initial 
thickness of the model domain in the casting direction N via: 
 
d
m tan
R
 
=  
 
  (3.15) 
Bending is applied by linearly ramping the slope of the top boundary line from zero to D 
during the time taken to pass between 3 roll contact points, i.e., twice the roll pitch, in the 
bending region.  Twice the roll pitch is the shortest distance over which bending can be applied. 
Then, the slope D is maintained between the bending and unbending regions.  Finally, the slope 
of the top boundary line is ramped linearly from D back to zero during the unbending region, 
again 3 roll contact points. Figure 3.4 illustrates how the slope of the top line of the model 
domain is controlled to simulate bending and unbending. Specifically, the following mechanical 
boundary conditions are applied: OP = 0 at the IR and OR surfaces, O@ = 0 at the bottom 
surface, and O@ = Q(R) + D(R)T at the top surface. The latter is achieved with a slider multi-
point constraint, using the *MPC, SLIDER keyword in ABAQUS, to force the top surface nodes 
into a line, and a linear constraint equation to control the line slope. The linear constraint 
equation, i.e., the *EQUATION keyword in ABAQUS, uses the displacement of a dummy node, 
O@U, to control the top boundary slope by relating the y-displacements of the top right and top 
left nodes, O@VW and O@VX respectively. In this equation, B is the initial slab width, and O@U is 
set to the slope D: 
 0   yNE yNW yDu u W u= − + −   (3.16) 
 
 
Figure 3.4. Bending and unbending boundary conditions on model domain. 
A generalized plane strain condition is applied in the undiscretized Z-direction of the 
model domain. The &YY strain is allowed to vary linearly in the X-direction but is forced to 
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remain constant in the Y-direction:  &YY = Q(R) + (R)T  This constraint on the &YY strain allows 
the sides of the domain on the inner and outer radii to expand and contract in the Z-direction due 
to the Poisson effect during thermal cycling, bending and unbending. This boundary condition 
imposes the mechanical constraint that the narrow face must remain planar and orthogonal to the 
casting direction. Figure 3.5 shows the location of the generalized plane strain bounding plane 
[2] relative to the caster. 
 
Figure 3.5. Generalized plane strain boundary conditions in the XZ plane. 
The thermo-mechanical casting conditions used for this model are based on a previously 
developed CON1D model representation of the ArcelorMittal Burns Harbor caster [24]. The 
relevant thermal and mechanical parameters, including those used for bending and unbending, 
are given in Table 3.1. 
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Table 3.1. Thermo-mechanical casting conditions. 
Modeling Parameter Value Modeling Parameter Value 
Mold Length [m] 0.690 Dwell Time [min] 28.2 
Distance to Bender [m] 2.83 Casting Speed [m/min] 1.10 
Bending Transition Length [m] 0.61 Initial Temperature [°C] 1550 
Bending Arc Length [m] 23.56 Superheat [°C] 22 
Unbending Transition Length [m] 0.61 Tliquidus [°C] 1528 
Caster Length [m] 31.0 Tsolidus [°C] 1508 
Casting Radius [m] 15.0 Tsink for Spray Water [°C] 25 
Slab Thickness [mm] 254.0 
  
 
3.3.3 Computational Details 
The transient thermal and mechanical problems are one-way coupled, solving the thermal 
equations and then the mechanical equations in each time step. The highly nonlinear governing 
equations for the mechanical analysis are solved in space and time using a two-level method at 
each time step. First, a local step solves at each integration point for the inelastic strain rate by 
integrating the elasto-viscoplastic constitutive equations (assuming constant total strain), solving 
two coupled ordinary scalar differential equations using a bounded Newton-Raphson search 
method [20], [21].  Then, a global step, the finite-element method, solves for the spatially-
dependent displacements, strains, and stresses (assuming constant inelastic strain).  
In the thermal model, 8 node biquadratic quadrilateral diffusive heat transfer elements are 
used. In the mechanical model, 8 node biquadratic quadrilateral hybrid elements with linear 
pressure and generalized plane strain in the undiscretized (y) direction are used. The ABAQUS 
codes for these two element types are DC2D8 and CPEG8H, respectively. The elements in the 
thermal and mechanical models are fully integrated with 3 × 3 Gauss-Legendre quadrature. The 
simplified model domain size was 260 mm by 1.5 mm, modeling a narrow cross-section 
extending completely through the centerline of the steel strand, which was 254mm thick at caster 
exit. The same mesh is used for both the thermal and mechanical models. A fine mesh of 0.5 mm 
x 0.5 mm elements was used for the first 30 mm below the strand surface to capture accurately 
the large gradients of temperature and stress. A coarser mesh of 1.0 mm x 0.5 mm elements was 
used for the inner 200 mm of the model domain. This model used 960 elements and 3,534 nodes. 
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The thermal model ran in 23 min, and the mechanical model ran in 71 min. These times were 
achieved with ABAQUS 6.13.2 on one core of a 2.67 GHz Intel Xeon W3520 processor. 
3.3.4 Verification 
The numerical methods and mesh size used in this work were validated by comparing a 
computational solidification model with a semi-analytical solution. The semi-analytical 
solidification solution was developed by Weiner and Boley [25] for an elastic-perfectly plastic 
material constrained against bending. Because of symmetry about the T-direction, the boundary 
conditions assumed by the semi-analytical model can be implemented using a one-dimensional 
model with generalized plane strain conditions in the y  (width) and z  (length) directions [5]. 
The generalized plane strain constraint used in the verification problem forces yyε  and zzε  to be 
constant throughout the model domain. The temperature of the solidifying material at the surface 
is fixed. Figure 3.6 shows the domain of the verification problem. The element type and mesh 
size in this verification problem were the same as those used in the caster model. The yield 
strength of the elastic-perfectly plastic material varies linearly with temperature, from 20.0 MPa 
at the fixed surface temperature to 0.0 MPa in the liquid. A yield strength of 0.0 MPa is difficult 
to consider numerically, so the computational model used a yield strength of 0.01 MPa for the 
liquid material. The semi-analytical solution assumes solidification of a pure material with no 
mushy zone. Solidification of a pure material with a fusion temperature is also difficult to solve 
numerically, so a 1 °C mushy zone was used in the numerical solution. Other thermo-mechanical 
properties for the verification test are given in Table 3.2. 
 
Figure 3.6. Model domain of solidification verification problem. 
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Table 3.2. Solidification conditions for semi-analytical and numerical verification problem. 
Property Value Unit 
Mass density 7,500 kg/m3 
Thermal conductivity 33.0 Wm-1K-1  
Isobaric specific heat capacity 661 J/kg/K  
Latent heat of fusion 272 kJ/kg  
Young’s modulus 40.0 GPa  
Poisson’s ratio 0.3 - 
Coefficient of thermal linear expansion 20.0 μm/m/K  
Yield strength at surface temperature 20.0 MPa 
Yield strength of liquid (analytical) 0.0 MPa  
Yield strength of liquid (numerical) 0.01 MPa  
Initial temperature 1532 °C  
Surface temperature 1000 °C 
Fusion temperature (analytical) 1532 °C 
Liquidus temperature (numerical) 1531 °C 
Solidus temperature (numerical) 1530 °C  
 
A comparison between the numerical and semi-analytical predictions for the thermo-
mechanical behavior of the theoretical material solidifying under theoretical conditions is shown 
in Figure 3.7. The temperatures and stresses perpendicular to the casting direction are shown at 6 
different times from the start of solidification, ranging from 5s after solidification start to 120s 
after solidification start. The average difference between the numerical and semi-analytical 
predictions in the solid steel was 2.52°C for temperature and 0.21MPa for stress. These small 
errors show excellent agreement between the numerical and semi-analytical solutions. The mesh 
size and element type were therefore adequate to calculate solidification behavior of steel with 
more complicated material properties under solidification conditions more similar to those of a 
real caster. The average stress and temperature errors of the numerical predictions in the solid 
steel at each time are shown in Table 3.3. Both the temperature and stress errors decrease with 
time because the number of elements modeling the solid steel increases with time, therefore 
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increasing the mesh resolution on the solid steel and the accuracy of the thermal and mechanical 
numerical solutions. 
 
Figure 3.7. Comparison of stress and temperature predictions from semi-analytical and numerical 
models. 
Table 3.3. Average numerical temperature and stress errors at 6 times after solidification start. 
Time [s] Temperature Error [°C] Stress Error [MPa] 
5.0 6.00 0.64 
15.0 3.44 0.25 
30.0 2.13 0.13 
60.0 1.36 0.08 
90.0 1.18 0.06 
120.0 1.02 0.07 
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3.4 Material Properties Models 
Reasonable and accurate material properties are a critical aspect of creating a useful 
thermo-mechanical model of the steel casting process. The foundational elements of the material 
model used for this work are a phase fraction model initially developed by Kagawa and Okamoto 
[26], implemented by BHP and further refined by recent researchers [4], [5]. The phase fractions 
determined by this equilibrium model are used to calculate the thermal conductivity, specific 
enthalpy, mass density, thermal linear expansion and inelastic constitutive behavior of the 
specific steel alloy. Because the steel phase fractions are a function of steel composition, the 
thermo-mechanical properties of the steel are therefore also functions of the steel composition. In 
this material model, the only material properties of the steel that are not a function of steel 
composition are the elastic constants, which vary only as a function of temperature. The grade 
dependence of steel’s elastic properties is neglected in this material model. 
3.4.1 Thermal Properties 
Calculation of the phase fractions present for a given steel composition is performed 
using an iron-cementite phase diagram, as described in Chapter 2, with 15 defining points that 
are shifted according to alloy content. The lever rule is used to determine the phases present as a 
function of temperature and steel composition. Calculation of the pearlite phase creation and 
dissolution is the only phase that exhibits hysteresis; all other phase calculations assume 
equilibrium transformation. Figure 3.8 shows the high-temperature phase transformations for the 
0.045wt%C steel grade used in this work. This steel grade does not go through a peritectic 
transformation. The liquidus and solidus temperatures are 1528°C and 1508°C, respectively. The 
-ferrite to austenite phase transformation begins at 1436°C and ends at 1410°C. After the steel 
becomes fully austenitic, proeutectoid alpha-ferrite does not begin forming until 880°C. The steel 
strand modeled in this work does not become cold enough to begin forming alpha-ferrite or 
pearlite.  
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Figure 3.8. High temperature phase transformations during cooling of 0.045wt%C steel. 
Calculation of the transformation from austenite to -ferrite is performed assuming 
equilibrium transformation. Figure 3.9 shows the transformation from austenite into proeutectoid 
ferrite and pearlite. The transformation of austenite into proeutectoid ferrite is non-linear because 
a quadratic function is used to model the line separating the austenite to austenite plus -ferrite 
transformation. Calculation of the pearlite phase is performed using temperature-based kinetic 
equations and Time-Temperature-Transformation input data, as described in Chapter 2, and 
makes the assumptions that only austenite can form pearlite during the eutectoid reaction, and 
that dissolving pearlite will only form austenite. 
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Figure 3.9. Low temperature phase transformations during cooling for 0.045wt%C steel. 
Thermal conductivity of the steel is calculated based on equations from Harste [27] that 
determine isotropic conductivity as a weighted function of phase fractions present. The below 
equations are used for this calculation 
 liq liqk f k f k f k f kδ δ γ γ α α= + + +   (3.17) 
 39.0liqk =   (3.18) 
 [ ] ( )( )( )( )30.209 1.09 10421.6 0.00835 1.0 0.425 4.3 085 1 cTc ck CTT −+ × ⋅−δ ⋅ × = + − −  ⋅   (3.19) 
 ( )39.31320.14 10 ck T−γ × ⋅= +   (3.20) 
 ( ) ( )( )310.209 1.0 0941.0 0.425 4.385 10 cTcTk B C −× ⋅− +α α  = − ⋅− ×    (3.21) 
 
5 280.91 0.099269 4.61 103c cB T T
−
α ⋅ × ⋅= − +   (3.22) 
where liqf , fδ , fγ , fα  are the mass fractions of the liquid, -ferrite, austenite, and -ferrite 
phases, k  is the isotropic thermal conductivity in -1 -1W m K⋅ ,  is the weight percent carbon 
content, and  is the temperature in degrees Celsius. In this work, the thermal properties of 
pearlite are assumed to be the same as those of -ferrite. Figure 3.10 shows the temperature 
dependence of the thermal conductivity of the 0.045 wt. % C steel grade in this work. 
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Figure 3.10. Temperature dependent thermal conductivity of 0.045wt%C steel. 
The specific enthalpy of steel is also calculated using the following equations developed 
by Harste [27] that are phase-dependent mixture functions:  
 liq liqh f h f h f h f hδ δ γ γ α α= + + +   (3.23) 
 824.6157 104642.3liq K liqh T A= − +⋅   (3.24) 
 
20.08872 441.3942 50882.26K Kh T Tδ = + +   (3.25) 
 
20.07489 429.8495 93453.72K Kh T T Aγ γ= + + +   (3.26) 
 
6 2 3 9
6 3 2
6 3 2
6
12.822 10 2.9934 10.068 10 5.21766 10 / if 1060.0
18.3797 10 34.87121 10 16.0133 if 1042.0 1060.0
5.78038 10 11.501 10 6.23818 if 1000.0 1042.0
4.0556 10 4720.324 2.29
K K K K
K K K
K K K
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h T T T
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α
× + − × − × ≤
− × + × − < ≤
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168 1.10948 10 / if 800.0 1000.0
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



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
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  (3.27) 
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6 21.9661 10218125
1201.1 43.839liq
CCA
C
×
+
+=   (3.28) 
 
6 2101.9079336.601
1201.1 43.839
CA C
Cγ
=
+
×
+   (3.29) 
where liqf , fδ , fγ , fα  are the mass fractions of the liquid, -ferrite, austenite, and -ferrite 
phases, KT  is the temperature in Kelvin, C  is the weight percent carbon content, and h  is the 
specific enthalpy of the steel in -1J kg⋅ . Figure 3.11 shows the temperature dependence of the 
enthalpy of the 0.045wt%C steel grade used in this work. 
 
Figure 3.11. Temperature dependent enthalpy of a 0.045wt%C steel. 
 
3.4.2 Mechanical Properties 
Calculation of the mass density, thermal linear expansion and Young’s modulus for steel 
are critical to modeling the mechanical behavior of steel. Elasto-viscoplastic equations are also 
  
57 
 
important for modeling the inelastic behavior of steel, and are used depending on the weight 
fraction of phase present in the material as described in Chapter 2. The mechanical properties of 
steel are a strong function of temperature also depending on the phase fractions present. 
Calculation of the steel mass density is performed using temperature and phase dependent 
equations, similarly to the equations used to calculate the steel’s specific enthalpy and thermal 
conductivity. The below phase dependent equations were developed by Jimbo and Cramb [28] 
for liquid and Harste [27] for solid phases and used in this work 
 liq liqf f f fδ δ γ γ α αρ = ρ ρ ρ+ + ρ+   (3.30) 
 ( )( )7100.0 73.2 0.828 0.0874 1550.0liq CC C T− −ρ = − −   (3.31) 
 
8010.71 0.4724 CT
Dδ δ
−ρ =
  (3.32) 
 
8105.91 0.5091 CT
Dγ γ
−ρ =   (3.33) 
 ( )5 27880.76 0. 103244 2.7164C CT T−α ×+ρ = −   (3.34) 
 ( )( )31.0 0.01 1.0 0.01343D C Cδ = − +   (3.35) 
 ( )( )31.0 0.01 1.0 0.008317D C Cγ = − +   (3.36) 
where liqf , fδ , fγ , fα  are the mass fractions of the liquid, -ferrite, austenite, and -ferrite 
phases, CT  is the temperature in degrees Celsius, C  is the weight percent carbon content, and ρ  
is the density of the steel in 3kg m−⋅ . Figure 3.12 shows the density of the 0.045wt%C steel used 
in this work. 
  
58 
 
 
Figure 3.12. Temperature dependent mass density of 1005 steel. 
The thermal linear expansion for steel determines the amount of volumetric expansion or 
contraction the steel undergoes as the temperature changes. The coefficient of thermal expansion, 
α , is used to define thermal strains using Equation (3.37). Calculation of the coefficient of 
thermal expansion based on the density changes in the material is performed using 
 ( )
1/3
.
1 1 0ref
ref
T
T T
 ρ 
 α =   
− ρ 
−

  (3.37) 
where 
refT  is a reference temperature defined where the thermal strain will be considered zero. In 
this work, the reference temperature was defined to be 1508.0°C, the solidus temperature of the 
steel grade. Figure 3.13 shows the temperature dependence of the coefficient of thermal 
expansion. Note the very large coefficient during the liquid → δ -ferrite transformation. This is 
due to the large changes in density during steel’s initial solidification from a liquid into a solid.  
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Figure 3.13. Temperature dependent coefficient of thermal expansion for 0.045wt%C steel. 
The Young’s modulus of steel is dependent on temperature. To fully define the three 
dimensional elastic behavior of an isotropic material, two elastic constants are required. In this 
work, the Poisson’s ratio is used to define the elastic behavior of the steel, and is considered to 
remain constant as 0.3ν = . Figure 3.14 shows the temperature dependence of the Young’s 
modulus of steel, based on work by Mizukami [29]. 
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Figure 3.14. Temperature dependent Young’s modulus for 0.045wt%C steel. 
The constitutive behavior of the steel was modeled using different constitutive equations 
for the five different phases of steel present in the model, liquid, -ferrite, austenite, -ferrite, 
and pearlite. The liquid is modeled as an elastic-perfectly plastic material with a very small yield 
strength compared to the yield strength of solid steel. Modeling the inelastic behavior of the 
liquid was performed using [20]: 
 
*
*
*
if 
3
if
0
 
t t
y
t t t t
ie y t t
y
+∆
+∆ +∆
+∆
 σ < σ
∆ε = σ σ
σ σ
−
≥ µ
  (3.38) 
where *t t+∆σ  is the elastic predictor stress, µ  is the shear modulus as defined in Equation (3.12), 
and yσ  is the yield stress of the liquid, which should be zero but is considered to be 0.01 MPa to 
avoid numerical difficulties. The inelastic behavior of the ferrite steel phase was calculated using 
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the Zhu power law [9]. This accounts for the temperature, strain rate, and time-dependence of 
inelastic flow of delta-ferrite at high temperatures. The elasto-viscoplastic model is given below: 
 ( )0.10.1ie FFδ δ=εɺ   (3.39) 
 ( ) ( )5.52/ 300 1 1000 mc K ie
c
f
F
T a
σ
δ
−
ε+ ε
=
σ
  (3.40) 
 
5109.4156 0.349501Km T
− +×= −   (3.41) 
 ( ) 14101.617 0.6166Kn T −− −×=   (3.42) 
 
24 5.56 1011.367 08cf C
−×−
= ×
  (3.43) 
where C  is the carbon content in weight percent, ieε  is the effective inelastic strain, an internal 
variable that is accumulated starting from zero at the solidus temperature, representing the 
material structure. The value of aε  should be unity, but was set to zero in this work to solve 
global convergence issues in the bending and unbending simulations. The difference is negligible 
because there is very little hardening of the delta phase owing to the rapid creep at the high 
temperatures where it is found.  
 The inelastic behavior of the austenite phase was calculated with Model III from 
Kozlowski [19], which is an elasto-viscoplastic equation. Because the austenite steel phase has a 
high solubility for carbon, and increasing carbon increases the strength, the model is dependent 
on the carbon content of the steel grade. The Kozlowski model contains an evolving back-stress 
term for the hardening of the austenite, thus enabling it to include the Bauschinger effect. To 
prevent elastic shakedown, the Kozlowski model does not contain any terms that would allow 
continual hardening during cyclic inelastic deformation, and instead achieves inelastic 
shakedown. Elastic shakedown occurs with isotropic hardening models that experience large 
amounts of inelastic strain, hardening the material until it no longer deforms inelastically. The 
Kozlowski Model III uses the following: 
 
4 14.465 10
exp
n
ie
K
A F F
T
−
γ γ

−

 
 
×
ε =ɺ   (3.44) 
 
1n
ie iecF c a
ε
γ σ ε ε
−
σ − ε ε=   (3.45) 
 
3130.5 5.128 10 Ka T
−
ε ×= −   (3.46) 
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30.6289 1.114 10 Kn T
−
ε = − + ×   (3.47) 
 
38.132 1. 1054 Kn T
−
= − ×   (3.48) 
 
4 4 5 24.655 7.14 110 10 . 102A C C= +× ×+×   (3.49) 
where C  is carbon content in weight percent, and cσ  and cε  are constants designed to provide 
the sign (+1 or -1) in complex reverse loading conditions, as described in Chapter 2. In this work 
the value of cε was set to zero to solve global convergence issues with the simulations. This 
constitutive model for austenite has been shown to be a robust model that is useful because of its 
ability to replicate the Bauschinger effect in steel while also including strain rate, temperature, 
and time dependent flow behavior [4], [5], [20]. Because of this, the new pearlite constitutive 
model developed for this work was developed with the same form as the Kozlowski Model III, 
but without carbon dependence. The eutectoid composition of pearlite has a fixed carbon 
content. The pearlite constitutive equation, explained in Chap. 2, uses the following: 
 
2
4 14.3511 10
exp
f
ie pearlite p p
KT
A F F
−
−

=  
 
×
εɺ   (3.50) 
 
1 1f
p p ie ieF c c a
−
σ εσ − ε ε=   (3.51) 
 
4 22940.55 2.9210 1.03 0 02 19p K Ka T T−×= − −   (3.52) 
 
4
1 0.575708 1.2511 108 Kf T−×= −   (3.53) 
 
3
2 14.3081 6.4392 10 Kf T−×= −   (3.54) 
where KT  is the temperature in Kelvin, cσ  and cε  are described in Chapter 2, and the Macaulay 
brackets about the function for pa  ( )Kf T  denote that when the value inside the brackets is 
less than zero, a value of zero is used. 
3.5 Computational Model Results 
The thermal model presented here agrees closely with results from CON1D, which has 
been partially validated with plant measurements in previous work [1], [24]. The shell growth of 
the strand is shown in Figure 3.15, which also indicates the distances over which bending and 
unbending were applied. Bending and unbending both were applied over a distance of 0.61m, 
corresponding to a time of 33s for the casting speed of 1.10 m/min. The shell grew in thickness 
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from 27 mm at the start of bending, to 31 mm thick at the end of bending. Similarly, during 
unbending, the shell grew from 114 mm to 116 mm in thickness. The shell thickness was 
calculated using the solidus temperature. Subsurface cracks could form at the solidification front 
at the OR during bending and at the IR during unbending.  The metallurgical length was 28.0m. 
 
Figure 3.15. Shell thickness as a function of distance below meniscus. 
The temperature and @@ profiles through the steel strand before bending was applied are 
shown in Figure 3.16. Non-uniform heat extraction during secondary cooling from roll contact 
and water sprays greatly affects the @@ (casting direction) stress profile. Surface quenching 
created surface tension and subsurface compression during water spraying. Both the temperature 
and stress profiles are symmetric about the strand centerline at this time. At 130s below the 
meniscus, when the shell was 25 mm thick, water sprays and roll contacts lowered the strand 
surface temperature from 1265°C to 1167°C and 1220°C respectively. The increased heat 
extraction from water sprays and roll contact affects the strand temperatures up to ~5 mm below 
the strand surface. The transient surface cooling causes tension at the strand surface. Because of 
the rapid increase in surface cooling during water sprays, subsurface compression is experienced 
5 mm deep into the steel strand. 
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Figure 3.16. Symmetric temperature and stress profiles through steel strand before bending. 
The temperature and @@ profiles through the steel strand while bending was applied are 
shown in Figure 3.17. The stress profile was asymmetric as bending causes increasing tension 
closer to the inside-radius and increasing compression closer to the outside-radius. At 180s 
below the meniscus, when the shell was 30 mm thick, water sprays and roll contacts lowered the 
strand surface temperature from 1218°C to 1127°C and 1188°C respectively. The rapid 
temperature changes at the strand surface due to water sprays and roll contact caused tension at 
the both the IR and OR strand surfaces, even while the IR experiences compression during 
bending. During roll contact, the OR experienced higher average tension than during ambient 
cooling or water spray. During water spray cooling, higher subsurface compression was 
experienced 5 mm below the IR surface than during ambient cooling. 
 
Figure 3.17. Temperature and stress profiles through steel strand during bending. 
Unbending occurred 1424s below the meniscus when the steel shell was 115 mm thick. 
The temperature and stress profiles during unbending are shown in Figure 3.18. Water sprays 
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and roll contact lowered the strand surface temperature from 911°C to 855°C and 883°C, 
respectively. The strand surface temperatures decreased less from water spray and roll contact 
during unbending than during bending because the strand surface temperature was lower. Water 
spray cooling and roll contact only affected the strand temperatures up to 5 mm below the strand 
surface. The @@ stresses in the strand at longer times from the meniscus were larger because the 
solid steel shell was colder and thicker. While unbending was applied, during ambient cooling, 
net compression was generally experienced at the OR and net tension at the IR. During water 
spray cooling and roll contact, tension was experienced at the OR surface even though 
compression was being applied due to unbending. 
 
Figure 3.18. Temperature and stress profiles through steel strand during unbending. 
The effects of non-uniform heat extraction during secondary cooling created cyclic 
mechanical loading throughout the steel strand. Figure 3.19 illustrates the mechanical loading the 
IR strand surface experienced due to the non-uniform heat extraction. Thermal strain was not 
included in these stress-strain cycles. Before bending, the IR surface experienced stress-strain 
cycles with small changes in stress but large changes in strain. Water sprays created larger stress-
strain cycles than did roll contacts. During bending, when compression was applied, the IR still 
experienced tensile stresses of ~10 MPa during water spray cooling. A net compressive strain of 
approximately 1.0% was experienced at the IR surface during bending. When the shell was 
thicker and colder after unbending, the stresses become larger and the changes in strain become 
smaller. During unbending the IR surface experienced a net tensile strain of approximately 0.8% 
and a peak tensile stress of 33 MPa. 
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Figure 3.19. Cyclic loading at the inner radius (IR) surface from meniscus to caster exit. 
The mechanical loading experienced at the OR strand surface was very similar to the IR 
strand surface because the thermal boundary conditions in this model were symmetric. Figure 
3.20 shows the stress-strain loading experienced at the OR surface. The OR experienced cyclic 
loading similar to the IR, except during bending and unbending. After bending occurred and the 
OR surface experienced net tension of 0.9%, the OR surface experienced cyclic loading at a net 
tensile strain. During unbending when net compression was applied at the OR, tensile stress was 
briefly experienced during water spray cooling and during roll contact. During bending when net 
tension was applied at the OR, brief compression was experienced at the strand surface. These 
results show that while bending and unbending apply net tension and compression at the IR and 
OR, secondary cooling can overcome these effects. 
  
67 
 
 
Figure 3.20. Cyclic loading at the outer radius (OR) surface from meniscus to caster exit. 
The total number of stress cycles experienced by the strand is shown in Figure 3.21. The 
number of stress cycles increases with time and decreases with distance below the strand surface. 
The latter trend is relatively linear and scales with the shell thickness.  The four times when 
stress cycles are plotted were chosen at equal intervals down the caster. The stress cycling 
through the strand thickness was symmetric about the strand centerline, again, owing to the 
symmetric thermal boundary conditions. While the IR and OR experienced different loading 
during bending and unbending, the heat extraction in secondary cooling dominated the stress-
strain cycling behavior. To avoid counting small numerical fluctuations of @@ as loading cycles, 
only stress cycles with magnitudes larger than 0.5 MPa were counted. 
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Figure 3.21. Total number of stress cycles through the strand thickness. 
The average magnitude of the stress cycles experienced through the strand decreased very 
rapidly with distance below the strand surface, as illustrated in Figure 3.22 at four times. At 
caster exit, the strand surface had experienced stress cycles with an average magnitude of 34 
MPa, but 10 mm below the strand surface the average stress cycle magnitude was 5 MPa. The 
stress cycle magnitude was also symmetric about the strand centerline because the thermal 
boundary conditions are symmetric, and surface heat extraction controlled the stress cycling 
behavior. Only average stress cycle magnitudes larger than 0.5 MPa were included. The average 
stress cycle magnitude decreased to roughly constant values at depths greater than 25 mm below 
the strand surface. A rapid decrease in stress cycle magnitude with distance below the strand 
surface was seen at all four different times. 
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Figure 3.22. Average magnitude of the stress cycles experienced through the strand thickness. 
The stress-strain cycling of the steel strand indicates that high-temperature low-cycle 
fatigue of the steel strand should be considered in predictions of transverse crack formation. 
Low-cycle fatigue should be considered by investigating the inelastic strain the material 
experiences to determine the risk of failure and formation of transverse cracks, according to 
Coffin and Manson [30]. Figure 3.23 shows the total number of inelastic strain cycles 
experienced by the steel strand in the casting direction. The number of inelastic strain cycles 
experienced by the steel strand is very different than the number of stress cycles experienced. 
Larger stresses cause larger inelastic strains, and so significant inelastic strain cycling occurred 
only within the first 5 mm of the strand surface, where large stresses were present due to strand 
surface temperature fluctuations. The number of inelastic strain cycles experienced by the strand 
is symmetric about the strand centerline. To eliminate the effects of small numerical fluctuations, 
inelastic strain cycles with a magnitude less than 0.05% were not counted. Counting of the 
inelastic strain and stress cycles was performed using a rain flow algorithm from Amzallag [31]. 
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Figure 3.23. Total number of inelastic strain cycles in first 40 mm below the strand surface. 
The total number of inelastic strain cycles gives some insight into the inelastic strain 
cycling experienced by the steel strand during secondary cooling. The magnitude of the inelastic 
strain cycles, and the total accumulated inelastic strain, also give important information about the 
low-cycle fatigue failure of the steel. Figure 3.24 shows the total accumulated inelastic strain 
through the steel strand, which was calculated by summing the magnitudes of the inelastic strain 
in each cycle. The total accumulated inelastic strain through the steel strand is very symmetric 
about the strand centerline. At caster exit, the strand surface experienced a total of 24% 
accumulated inelastic strain due to thermal cycling in secondary cooling. The majority of 
accumulated inelastic strain is within 5 mm of both the IR and OR strand surfaces. At 5 mm 
below the OR strand surface, less than 3% of inelastic strain has been accumulated. 
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Figure 3.24. Total accumulated inelastic strain in first 40 mm below the strand surface. 
The most severe temperature fluctuations due to water sprays and roll contact in 
secondary cooling occurred within 5 mm of the strand surface. This caused severe stress-strain 
cycling within the same region near the surface. This cycling caused large amounts of inelastic 
strain to accumulate. It is likely that these inelastic strains would contribute to the formation of 
transverse cracks as characterized by high-temperature low-cycle fatigue. There were no 
significant differences in the fatigue behavior observed at the IR and OR of the strand, because 
the thermal boundary conditions at the strand surface were symmetric. The IR surface 
experienced a tensile strain of 0.8% during unbending and a peak tensile stress of 33 MPa. 
3.6 Conclusions and Future Work 
This work presents a simple, efficient thermo-mechanical Lagrangian model of a narrow 
slice through the center of a typical thick-slab caster.  It was applied to investigate the effect of 
water spray, roll contact, bending, and unbending on the mechanical response of the steel strand 
as it moves through the entire caster. During cooling due to water sprays or roll contacts, the 
decreasing thermal strains at the strand surface create large tensile stresses and inelastic strain at 
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the strand surface. Subsequent surface reheating then creates compression again at the strand 
surface. This alternating temperature history affects temperatures up to 5mm beneath the strand 
surface, which causes alternating cycles of tension and compression throughout the strand 
thickness. Because the thermal boundary conditions were the same on IR and OR, the stress-
strain cycling at the strand surface was also symmetric. Plant experience, however, shows that 
transverse crack formation tends to occur at the IR surface during unbending. This plant 
experience suggests that low-cycle fatigue creates transverse cracks, arising from thermal cycling 
during secondary cooling, combined with mean tension and accumulated tensile inelastic strain 
experienced at the OR surface during bending and at the IR surface during unbending, and with 
microstructural changes, such as ferrite networks and precipitates at the austenite grain 
boundaries.   
This new modeling tool to generate the stress and inelastic strain cyclic mechanical 
loading histories of the steel strand during secondary cooling can be used to design better 
experiments for quantifying steel ductility. Future work adding more phenomena, such as 
bulging, to this model is planned. Cyclic loading of steel specimens in Gleeble machines that 
mimic mechanical loading actually experienced locally in the strand during secondary cooling 
and unbending will give more quantitative results about the possible risk of transverse crack 
formation at the surface for a specific steel grade and secondary cooling conditions. New test 
conditions for steel ductility that account for cyclic loading that occurs in the caster will also give 
information about how to modify secondary cooling conditions to avoid transverse cracking. 
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Chapter 4: Analysis of Strand Behavior in Three 
Commercial Casters 
4.1 Summary 
An efficient thermo-mechanical model of the steel strand from meniscus to caster exit has 
been developed to study the effects of mold cooling, secondary cooling, casting radius, strand 
thickness, casting speed, and single-point and multi-point bending and unbending on the loading 
the solidifying strand experiences in three commercial continuous steel casters. The 
accumulation of inelastic strain at the strand surface from cyclic mechanical loading due to 
thermal cycling was found to be a contributing factor in the formation of transverse cracks. Large 
surface temperature fluctuations are the most significant cause of casting-direction inelastic 
strain accumulation due to thermal cycling. Reduction of surface temperature fluctuations, which 
are caused by non-uniform heat transfer in secondary cooling, can be achieved by increasing the 
heat-transfer uniformity in the casting direction of the water spray patterns. Extending the spray 
patterns in the casting direction reduces strand surface reheating in between roll contact cooling 
and water spray cooling, therefore decreasing surface temperature oscillations and decreasing the 
severity of the casting-direction stress cycling. 
4.2 Introduction 
Previous models of the mechanical loading of the strand during secondary cooling have 
focused on bulging [1]–[3], unbending[4]–[6] or both bulging and unbending [7]–[9] of the steel 
strand. Unbending of the strand is considered in simplified computational models using either the 
“hard box” [5], [7] or “soft box” methods [9]. The “hard box” method assumes that unbending of 
the steel strand occurs about only one neutral axis; the “soft box” method assumes that 
unbending of the partially solidified strand widefaces occurs such that each wideface unbends 
about its own neutral axis [10]. The assumption of “soft box” behavior of the strand during 
straightening conflicts with some observed casting behaviors [9]. The mechanical effects of the 
temperature fluctuations at the strand surface has not been reported the literature.  
This work investigates the thermo-mechanical behavior of three commercial casters with 
varying strand thickness and other casting parameters.  The predicted thermo-mechanical loading 
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histories can then be used to design experimental hot ductility tests that better match the thermo-
mechanical history of the steel strand in a caster. The loading history can also be used as a 
boundary condition for micro-mechanical models of the transverse cracking behavior of “blown” 
grains [11] in the low-ductility trough of crack sensitive steel grades. 
A relatively simple equation [12] can be used to predict the mechanical, i.e., elastic plus 
inelastic, casting-direction strains at the strand surface during the application of bending and 
unbending, given as 
 
2surf
t
R
ε = ±   (4.1) 
where t  is the thickness of the strand and R  is the casting radius measured at the strand 
centerline. Equation (4.1) shows that the casting-direction surface strains become larger with 
decreasing caster radius and increasing strand thickness. Equation (4.1) assumes “hard box” type 
behavior during unbending, and that the neutral axis is located at the strand centerline. The “hard 
box” assumption is consistent with at least two observed casting phenomena: that oscillation 
marks formed in the mold remain planar through caster exit, and that radial “streaking” (non-
catastrophic hot-tearing) primarily occurs at the solidification front of the inner radius (IR) 
wideface during unbending [9]. Oscillation marks remaining planar through caster exit indicates 
that plane sections of the strand remain plane during bending and unbending. Radial streaking 
occuring only at the solidification front of the IR wideface indicates that tension is only present 
at the IR solidification front during unbending, not at the outer radius (OR) solidification front 
during unbending. Under the “soft box” unbending assumption, tension should be present at the 
OR solidification front. 
Strand surface temperature fluctuations due to non-uniformities in secondary cooling 
during roll contact, water sprays, and ambient cooling have been found to cause cyclic 
mechanical loading at the strand surface. The surface temperature fluctuations in secondary 
cooling are typically on the order of 100°C, based on both models and experimental 
measurements [13]–[17]. These models accounted for the individual effects of roll contact and 
water spray heat extraction in secondary cooling, an important effect in considering the thermo-
mechanical cycling experienced by the strand surface. Some thermal models used average heat 
transfer coefficients for large secondary cooling zones [18]–[20], ignoring the distinct effects of 
each roll and water spray. The treatment of secondary cooling through average zone coefficients 
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can be useful for investigating average phenomena in secondary cooling, but it will not predict 
the surface temperature fluctuations that have been measured in casters. Studies also have found 
that temperature fluctuations decrease the hot ductility of steel by promoting formation of 
precipitates that persist through reheating [21]–[23]. 
4.3 Computational Model 
The thermo-mechanical model of a solidifying strand developed in ABAQUS 6.13.2 [24] is 
described in Chapter 3. This model is a 1D drilling through the strand widefaces from the inside 
radius (IR) surface to the outside radius (OR) surface. It is used to investigate the mechanical 
loading of the strand widefaces in the casting direction. The Lagrangian model domain moves 
through the caster at the casting speed; Figure 4.1 gives a schematic of the model domain 
location in the caster. The model domain uses specialized boundary conditions to simulate 
bending, unbending, and heat transfer during primary and secondary cooling. The Lagrangian 
method of thermal analysis makes the valid assumption that axial advection is much larger than 
axial conduction, i.e., that the Péclet number is very large. 
 
Figure 4.1. Location of the model domain in continuous slab caster [25] a) side view; b) isometric 
view. 
4.3.1 Governing Equations 
A Lagrangian form of the two-dimensional (2-D) transient heat transfer equation is 
solved, 
 ( )( ) H k T T
t
∂ 
= ∇ ⋅ ∇ ∂ 
ρ   (4.2) 
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where 3 is the mass density, 4 is the temperature-dependent enthalpy, 5 is the isotropic thermal 
conductivity, and  is the temperature. Heat conduction in the transverse direction is zero due to 
symmetry.  
The mechanical equilibrium equation is solved using two-dimensional generalized plane 
strain,  
 
0∇⋅ =σ
  (4.3) 
where 6 is the stress tensor field. Body forces and related effects such as bulging due to gravity 
were neglected. 
The strains are less than 0.025 m/m, so the standard small-strain, linearized strain-
displacement relation is appropriate: 
 ( )1 2 T= ∇ + ∇ε u u   (4.4) 
The total strain rate tensor is additively decomposed into three separate parts, 
 
 = + +el th ieε ε ε εɺ ɺ ɺ ɺ   (4.5) 
the elastic, thermal and inelastic strain rate tensors. The thermal strain tensor was calculated 
from: 
 ( )refT Tα= −thε I   (4.6) 
where  is the isotropic temperature-dependent coefficient of thermal expansion, 7 is the identity 
tensor, and  is the reference temperature, defined here as the solidus temperature. 
The inelastic strain tensor is calculated using two different elasto-viscoplastic type 
constitutive equations depending on the phases present in the steel. The elasto-viscoplastic 
equation used to model the steel behavior is determined according to 
 
( )
( )
% , , ,    0.90 
% , , ,   0.90
ie
ie
ie
f C T if
f C T if
γ
δ
ε σ γ
ε
ε σ γ
>
= 
<
ɺ
  (4.7) 
where 8 and 9 are the elasto-viscoplastic constitutive equations for austenite and delta-
ferrite developed by Kozlowski [26] and Zhu [27], respectively, : is the phase fraction of 
austenite present, % is the weight percent carbon in the steel alloy,  is the temperature, % is 
the effective stress, &̅ is the effective inelastic strain, and &̅(<= is the effective inelastic strain rate. 
The elasto-viscoplastic constitutive equations are integrated as described in Chapter 3. 
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To generalize Equation (4.7) into three dimensions, the Prandtl-Reuss [28] equations are 
used 
 
3
2
ij
ie ie
σ
ε ε
σ
′
=
ɺɺ
  (4.8) 
where the Odqvist effective inelastic strain rate is defined as: 
 
2
:
3ie ie ie
ε = ε εɺ ɺ ɺ   (4.9) 
and the von Mises effective stress is defined as: 
 
3
2
σ = ′ ′σ : σ   (4.10) 
The stress response is calculated from the elastic strains using Hooke’s law 
 
:
el= Cσ ε   (4.11) 
where C   is the temperature-dependent fourth order isotropic elastic stiffness tensor. 
The fourth order isotropic elasticity tensor for steel can be defined using the two Lamé 
constants λ  and µ , which can be calculated using the Young’s modulus E  and Poisson’s ratio 
ν
 as: 
 ( ) ( )1 1 2
Eνλ
ν ν+ −
=   (4.12) 
 ( )2 1
Eµ
ν
=
+
  (4.13) 
The fourth order elasticity tensor C  can then be defined as: 
 ( )ijkl ij kl ik jl il jkC λδ δ µ δ δ δ δ= + +   (4.14) 
where ijδ  is the Kronecker delta. 
4.3.2 Boundary Conditions 
In this work, three different commercial casters are considered. The steel grade 
considered in this work is a low carbon steel. The thermal casting conditions of superheat, sink 
temperature of the water spray, machine taper and steel grade were the same for all three 
commercial casters. Table 4.1 gives the shared casting conditions for the three casters. 
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Table 4.1. Shared thermal and material conditions for three commercial casters. 
Model Parameter Value 
Initial Temperature [°C] 1550 
Superheat [°C] 22 
Tliquidus [°C] 1528 
T
solidus [°C] 1508 
T
sink for Spray Water [°C] 25 
Machine Taper 0.0 
Steel Grade Low Carbon 
 
The commercial casters considered in this work were chosen to investigate the effects of 
different thermo-mechanical casting conditions, such as: mold cooling, secondary cooling, slab 
thickness, caster radius, single point and multi-point bending and unbending, caster length and 
casting speed. Table 4.2 shows the different casting conditions for the ArcelorMittal Burns 
Harbor [29], Nucor Decatur [30], and SSAB Montpelier [31] casters. Many of the details are 
estimated, especially those involving roll and spray-nozzle geometry and heat transfer 
conditions, owing to a lack of access to real plant data and measurements.  Thus, these three 
casters investigated should be considered as representative of typical thick, intermediate, and 
thin-slab commercial casters, even though some details may differ from the actual casters. 
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Table 4.2. Thermo-mechanical casting conditions for three commercial casters. 
Caster Parameter ArcelorMittal Nucor SSAB 
Casting Speed [m/min] 1.10 3.528 1.04 
Working Mold Length [m] 0.690 0.850 0.800 
Secondary Cooling Length 30.3 11.246 16.184 
Distance to Bender [m] 2.83 1.60 2.315 
Bending Transition Length [m] 0.61 1.05 2.32 
Bending Length [m] 23.56 6.91 8.00 
Unbending Transition Length [m] 0.61 1.90 2.18 
Caster Length [m] 31.0 15.0 17.00 
Casting Radius [m] 15.0 3.5 6.67 
Dwell Time [min] 28.2 4.25 16.35 
Slab Thickness [mm] 260.0 89.0 158.0 
Number of Support Rolls 87 49 62 
 
Convective film coefficients in secondary cooling and surface heat fluxes in mold cooling 
are calculated using CON1D [32] for each caster. The heat flux from the strand surface during 
mold cooling is calculated by determining the thermal resistance between the mold cold face and 
the strand surface, including important phenomena such as: interface resistances, oscillation 
marks, liquid and solid slag resistance, air gaps, radiation through the mold flux, mold hot face 
coatings, and fouling at the mold cold face. Figure 4.2 shows the mold heat flux versus distance 
below meniscus curves for the three casters. The Nucor caster has a much higher average heat 
flux than either the SSAB or ArcelorMittal casters. This is due to the high casting speed of 
3.5m/min of the Nucor caster. The average heat fluxes for the mold dwell times of the three 
commercial casters fit well with typical average mold heat fluxes for commercial casters. 
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Figure 4.2. Mold heat flux at strand surface versus distance below meniscus for 3 commercial 
casters. 
Secondary cooling of the strand is considered by using a convective film boundary 
condition, where the convective film coefficient is calculated in CON1D using the equation 
 ( )01nspray wh AcQ bT= −   (4.15) 
where ℎ?@ is the film coefficient in [5B/D.EF, GH is the water flow rate in A-/D.IF, J is 
the water spray temperature, and K, , ,  are constants with values from Nozaki [33]. Heat flux 
at the strand surface from the convective film is calculated using the equation 
 ( )spray surface sinkq T Th −=   (4.16) 
where q  is the heat flux at the strand surface, surfaceT  is the temperature of the strand surface, and 
sinkT  is the temperature of the water from the water sprays. Figure 4.3 shows a representative plot 
of the convective film coefficients for the three commercial casters. The film coefficients for 
rolls 2 through 7 are shown versus roll number for each caster. The film coefficients for the 
Nucor caster are much larger than those for the SSAB and ArcelorMittal casters because the 
Nucor casting speed is higher, and so more cooling is applied from the water sprays. The length 
in the casting direction of the SSAB water sprays with respect to the roll pitch is larger than 
spray widths in the other two casters. The peak film coefficients for the ArcelorMittal caster are 
very similar to those of the SSAB caster. 
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Figure 4.3. Convective film coefficients for 3 commercial casters, normalized with respect to roll 
pitch. 
The film coefficient in between the areas of roll contact and water spray is controlled by 
natural convection and radiation from the strand surface, and is lower than the coefficient during 
water spray or roll contact cooling. The mold heat flux and convective film boundary conditions 
are applied at the strand surface, that is, the right and left surfaces of the model domain. The 
thermal boundary conditions at the IR and OR widefaces are assumed to be the same, and so heat 
transfer is symmetric about the strand centerline. The top and bottom surfaces of the model 
domain are insulated because steel continuous casting has a large Péclet number, and so heat 
conduction in the casting direction can be neglected. Heat conduction in the slab width direction 
is zero due to symmetry about the wideface centerline.  
The mechanical boundary conditions of this computational model are the same as those 
described in Chapter 3, and a brief recap of those conditions will be made. The model domain is 
separated at the strand centerline to allow for free expansion and contraction of the strand’s 
liquid core. A machine taper of zero is assumed as a requirement from the modeling 
methodology used to apply bending and unbending on the strand. Machine taper of zero is 
equivalent to zero mold taper and constant roll gaps. Bending and unbending are simulated by 
controlling the slope of the top model domain line. A generalized plane strain condition is used 
in the slab width direction to account for the Poisson effect, allowing for expansion and 
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contraction of the widefaces in the width direction as compression and tension are applied during 
bending and unbending. The generalized plane strain condition allows the strain in the width 
direction to vary linearly versus the strand thickness, based on the assumption that the narrow 
faces remain straight during the application of bending and unbending. 
Application of bending and unbending was performed using both single point and multi-
point unbending. The ArcelorMittal caster used single point unbending, where bending and 
unbending are applied over a distance of two roll pitches. The Nucor and SSAB casters both 
used multi-point bending and unbending. Table 4.2 gives the bending and unbending transition 
lengths over which the strand is bent and subsequently straightened. Figure 4.4 shows the 
curvatures during bending and unbending of the strands for the three casters, shifted with respect 
to the start of bending or unbending. The curvature of the Nucor caster is the highest, as it is the 
thinnest strand. The SSAB has the next highest curvature, and the ArcelorMittal caster the 
smallest curvature, as it is the thickest strand. 
 
Figure 4.4. Strand curvatures for three commercial casters, shifted with respect to start of bending 
and unbending. 
The curvature profile shows a sharp discontinuity at the transition from straight to 
bending, bending to bent, bent to unbending, and unbending to straight. These discontinuities are 
caused by the modeling assumption that bending and unbending start and finish at specific roll 
locations. As such, the transitions from straight, to bending start, to bending finish, to unbending 
start, and to unbending finish are discontinuous. The application of bending in the SSAB caster 
occurs more slowly than the Nucor caster, although both casters use multi-point unbending. 
Straightening of the Nucor and SSAB strands occurs over much more similar distances of 
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approximately 2.0 meters. Although the Nucor and SSAB casters use multi-point bending and 
unbending, the caster curvatures change in a very linear fashion in both bending and unbending. 
The only significant nonlinearity in caster curvature is in the Nucor caster, where a noticeable 
change in the curvature profile occurs at approximately 1.4m after the start of unbending. 
4.3.3 Steel Grade 
The steel grade considered for all three casters was a low carbon steel, with chemical 
composition given in Table 4.3. The transformation of phases from liquid to the formation of 
austenite are shown in Figure 4.5. After the formation of austenite, this steel grade remains pure 
austenite until it reaches 880°C. The commercial casters studied in this work do not reach a 
surface temperature below 880°C, and so the formation of proeutectoid ferrite and pearlite from 
austenite is not presented for this steel grade. The remaining weight percent of the low carbon 
steel grade is iron. 
Table 4.3. Chemical composition in weight percent of low carbon steel grade used in this work. 
C Al Cr Cu Mn Mo N Ni P S Si Ti V W Nb 
0.045 0.012 0.015 0.012 0.210 0.002 0.0032 0.020 0.008 0.006 0.011 0.003 0.002 0.001 0.001 
 
 
Figure 4.5. Phase transformations from liquid to the formation of austenite for low carbon steel. 
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4.3.4 Computational Details 
In the thermal computational models for the three commercial casters, 8 node biquadratic 
quadrilateral diffusive heat transfer elements were used. In the mechanical models 8 node 
biquadratic quadrilateral hybrid elements with linear pressure and generalized plane strain in the 
undiscretized direction were used. The ABAQUS element codes for the thermal and mechanical 
elements are DC2D8 and CPEG8H, respectively. The thermal and mechanical elements are both 
fully integrated with 3×3 Gauss-Legendre quadrature. The number of nodes, elements, and 
thermal and mechanical model runtimes are given in Table 4.4. All runtimes for thermal and 
mechanical models were achieved with ABAQUS 6.13.2 on one core of a 2.67 GHz Intel Xeon 
W3520 processor. 
The meshes used for each commercial caster model were similar. The mesh size in the 
casting direction was 1.5 mm for each model, consisting of three 0.5 mm long elements. Each 
caster mesh consisted of a section of fine 0.5 mm × 0.5 mm elements that extended from the 
strand surface to 30 mm below the strand surface. The remaining thickness of the strand was 
discretized with coarser 1.0 mm ×  0.5 mm sized elements. Further details on the computational 
model are given in Chapter 3. 
Table 4.4. Node number, element number, and runtimes of thermal and mechanical models. 
Caster Model Number 
of Nodes 
Number of 
Elements 
Thermal Model 
Runtime [min] 
Mechanical Model 
Runtime [min] 
ArcelorMittal 3534 960 23 71 
Nucor 2532 444 15.7 188 
SSAB 3722 654 19.6 139 
 
4.4 Thermal Behavior 
Because of the differences in casting conditions for the three commercial casters, there 
are significant differences in the mechanical loading conditions experienced by the steel strand in 
each caster. The differences, and the cause of those differences, are presented in this section. An 
important correlation was found between strand surface temperature oscillations and the 
accumulation of inelastic strain at the strand surface. 
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4.4.1 Shell Growth 
The shell thickness as a function of distance below meniscus for the three casters is 
presented in this section. Figure 4.6 shows the shell thickness profile for the ArcelorMittal caster, 
also showing the distances over which bending and unbending are applied. The shell grew in 
thickness from 27 mm at the start of bending, to 31 mm thick at the end of bending. Similarly, 
during unbending, the shell grew from 114 mm to 116 mm in thickness. The shell thickness was 
calculated using the solidus temperature. Subsurface cracks could form at the solidification front 
of the OR during bending and at the solidification front of the IR during unbending.  The 
metallurgical length of the ArcelorMittal caster was 28.0m. 
 
Figure 4.6. Shell thickness versus distance below meniscus for ArcelorMittal caster. 
The shell growth profile for the Nucor caster is shown in Figure 4.7, also indicating the 
distances over which bending and unbending were applied. The multi-point bending and 
unbending in the Nucor caster occurs over a larger distance than in the ArcelorMittal caster. The 
shell grew in thickness from 13.5mm to 18mm thick during the application of bending. 
Similarly, during unbending the shell grew in thickness from 30mm to 34.5mm. Radial streaking 
and internal cracks could form at the solidification front of the OR during bending and at the 
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solidification front of the IR during unbending. The metallurgical length of the Nucor caster was 
11.6m. 
   
Figure 4.7. Shell thickness versus distance below meniscus for Nucor caster. 
The shell growth profile for the SSAB caster is shown in Figure 4.8, indicating the 
distances over which bending and unbending were applied. The SSAB caster also used multi-
point bending and unbending, and so the associated application distances for the SSAB caster are 
longer than those in the ArcelorMittal caster. During bending, the shell thickness grew from 
31mm thick to 46mm, a total growth of 15mm. During unbending the shell was completely solid, 
having reached its metallurgical length at 10.2m below the meniscus. Unbending did not start 
until 12.6m below the meniscus. Radial streaking and internal cracking could therefore occur at 
the OR solidification front during bending, but not during unbending. 
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Figure 4.8. Shell thickness versus distance below meniscus for SSAB caster. 
4.4.2 Strand Surface Temperatures 
During secondary cooling the non-uniform heat transfer from roll contacts, water sprays, 
ambient convection, and radiation causes oscillations in the strand temperatures, both surface and 
subsurface. Typical strand surface temperature oscillations are in the range of 100°C [13]–[17], 
which agrees well with the surface temperature fluctuation predictions of the thermal models in 
this work. Figure 4.9 shows the strand surface temperatures versus distance below meniscus for 
the ArcelorMittal, Nucor, and SSAB casters. Strong cooling is applied immediately after mold 
exit in the SSAB and Nucor casters, with subsequent relaxing of the cooling approximately 2.5m 
below the meniscus. Figure 4.10 shows a detailed view of the strand surface temperature of the 
three casters, focusing on mold exit. The qualitative behavior of the strand surface temperature 
oscillations are similar in Figure 4.10, large surface temperature drops from water spray cooling, 
surface reheating, and smaller surface temperature drops from roll contact. 
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Figure 4.9. Strand surface temperatures along entire strand for three commercial casters. 
 
Figure 4.10. Detailed view of strand surface temperatures, including mold exit. 
The cause of cyclic mechanical loading in the strand is surface temperature oscillations, 
which are caused by non-uniform heat extraction in secondary cooling. Figure 4.11 shows the 
maximum temperature difference along the strand surface between each roll pair of the caster. 
The distance below meniscus is normalized with respect to mold exit and the end of roll 
containment. Figure 4.11 illustrates the magnitude of the strand surface temperature oscillations 
during secondary cooling. The strong spray cooling immediately after mold exit in the SSAB and 
Nucor casters causes larger surface temperature differences of 120°C and 210°C, respectively. 
After this initially high secondary cooling, the surface temperature fluctuations in the SSAB and 
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Nucor casters then decrease to 75°C and 100°C, respectively. The ArcelorMittal strand surface 
temperature fluctuations remain more constant with distance below meniscus, decreasing from 
115°C at mold exit to 90°C at the end of secondary cooling. The average strand surface 
temperature fluctuations for the SSAB caster are lower than the ArcelorMittal caster by about 
40°C. The Nucor surface temperature fluctuations vary with distance below mold exit, but are 
similar in magnitude to the ArcelorMittal surface temperature fluctuations. 
 
Figure 4.11. Maximum strand surface temperature difference between each roll pair along strand. 
4.4.3 Strand Cooling Rates 
The cooling rate at the strand surface controls behavior such as the eutectoid 
transformation, the formation of precipitates, and the final grain size. The cooling rate of the 
steel strand must also be used to determine the pearlite start and finish transformation 
temperatures, which vary with cooling rate. These pearlite start and finish temperatures are used 
in the pearlite phase creation model described in Chapter 2. Figures 4.12, 4.13, and 4.14 show 
the cooling rates of the strand at the final 5 rolls of each continuous caster; roll 5 in all cases 
corresponds to the end of roll containment. The cooling and reheating rates in the casters were 
calculated using the forward finite difference approximation. 
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Figure 4.12 shows the temperature rate of change at the strand surfaces. The Nucor caster 
cooling and reheating rates at the strand surface are approximately one order of magnitude larger 
than those found in the ArcelorMittal caster. As expected, the temperature rate of change is 
smallest in the SSAB caster because the surface temperature fluctuations were smallest in the 
SSAB caster. The highest rates of reheating immediately follow the highest rates of cooling due 
to the larger temperature gradients that develop in the steel strand during rapid surface cooling, 
which then cause rapid reheating when the surface cooling is removed. 
 
Figure 4.12. Temperature rate of change at the strand surface for three commercial casters. 
Figure 4.13 shows the temperature rate of change at 2mm below the strand surface in the 
final 5 rolls of each caster. The temperature rates in the Nucor caster are larger than those in the 
SSAB and ArcelorMittal casters, but the difference in cooling rates 2mm subsurface is less than 
the differences at the surface. The temperature rates of the SSAB caster remain smaller than 
those of the Nucor or ArcelorMittal casters. The location of maximum cooling rate in the casters 
also no longer perfectly aligns with the location of the rolls. This slight offset of the location of 
maximum cooling rate is due to the time it takes for the heat to diffuse from 2mm below the 
surface to the strand surface, relative to the distance travelled at the given casting speed. 
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Figure 4.13. Temperature rate of change at 2mm below the strand surface. 
The shifting of the peaks in cooling rate caused by roll contact can be also be seen in 
Figure 4.14, which gives the rate of change in temperature of the strand 5mm below the surface. 
The cooling rate peak of the Nucor caster closest to the roll contact is slightly offset from the 
actual roll location. At 5mm below the strand surface, the cooling and reheating magnitudes 
experienced by the ArcelorMittal and Nucor casters is very similar. The temperature rate of 
change of the SSAB caster at 5mm subsurface is still much lower than the other two casters. 
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Figure 4.14. Temperature rate of change at 5mm below the strand surface. 
4.5 Mechanical Behavior 
The mechanical behavior of the steel strand is affected mainly the cooling conditions 
experienced at the strand surface. The application of bending and unbending on the strand also 
affects the mechanical loading experienced by the steel strand. In this work, it was assumed that 
plane faces remain plane through the bending strand surface, meaning that the IR wideface 
experiences compression during bending, and tension during unbending. Similarly, the OR 
wideface experiences tension during bending, and compression during bending. This assumption 
is also known as the “hard box” bending assumption, which is most appropriate for steel casters 
[8]. 
The mechanical loading experienced by the OR and IR strand surfaces in the 
ArcelorMittal caster is shown in Figures 4.15 and 4.16. The maroon lines indicate the loading 
experienced during bending, and the orange lines indicate the loading during unbending. The 
strain plotted on the T-axis is the mechanical strain, i.e., the sum of the inelastic and elastic 
strains, and does not include thermal strain. Thermal strain is not included so that the mechanical 
loading experienced by the strand can be understood in comparison with the loading an 
isothermal test specimen would experience. The magnitude of the stress oscillations increases 
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with time; the stress-strain cycles before bending are about 20MPa in magnitude, while after 
unbending the cycles are about 30MPa in magnitude. The stress cycles become larger with time 
because the strand surface becomes stronger as it cools, therefore increasing the stresses from 
thermal strains. The strain oscillation magnitudes become smaller with time, because as the steel 
cools it becomes stronger, resisting inelastic deformation. During bending the IR surface 
experiences compression, but the application of water spray cooling and roll contact cooling 
causes momentary tension at the strand surface. During unbending the IR surface experiences a 
combination of tensile inelastic strain accumulation and tensile stress peaks of about 30 MPa. 
This combination of tensile inelastic strain and tensile stresses during unbending increases the 
risk of forming transverse cracks at the IR surface, especially when combined with the previous 
cyclic loading and thermal cycling at the strand surface. 
 
Figure 4.15. The stress-strain loading experienced at the IR strand surface of the ArcelorMittal 
caster. 
The mechanical loading of the OR strand surface in the ArcelorMittal caster is shown in 
Figure 4.16. The stress-strain cyclic loading at the OR surface before bending, between bending 
and unbending, and after unbending is the same as that experienced by the IR strand surface. 
This is because the constitutive model does not include a strain hardening term and so is similar 
to an elastic-perfectly plastic constitutive model. During bending, the OR surface experiences 
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tension, although during surface reheating the OR surface does experience momentary 
compression during bending. During unbending the OR surface experiences compression, 
although the application of water sprays and roll contacts does cause momentary tension at the 
OR surface. Because the OR surface experiences less tension than the IR surface, the OR surface 
has a lower risk of forming transverse cracks during unbending. 
 
Figure 4.16. The stress-strain loading experienced at the OR strand surface of the ArcelorMittal 
caster. 
The mechanical loading histories at the IR and OR strand surfaces in the Nucor caster are 
shown in Figures 4.17 and 4.18, respectively. The maroon lines show loading during bending, 
and the orange lines show loading during unbending. The maximum magnitudes of the stress 
oscillations in the Nucor caster before bending, immediately after mold exit, are approximately 
40 MPa. The stress oscillation magnitudes after mold exit are twice as large as the stress cycles 
after mold exit in the ArcelorMittal caster. The large stress cycles after mold exit in the Nucor 
caster are due to the high secondary cooling, and therefore large surface temperature 
fluctuations, in the Nucor caster immediately after mold exit. The magnitude of the stress cycles 
in the Nucor caster does grow slightly as the strand moves further down the caster, although less 
so than the ArcelorMittal caster. This difference in stress cycle magnitude behavior is partly due 
to the non-uniformity in the temperature fluctuations in the Nucor caster, as shown in Figure 
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4.11. It is also because the Nucor strand surface temperature does not become as cold as the 
ArcelorMittal caster. During bending when the IR experiences net compression, the IR surface 
still experiences tensile stresses due to the strand surface temperature fluctuations. During 
unbending the IR surface experiences a combination of tensile inelastic strain combined with 
large tensile stresses, peaking at approximately 20MPa. These peaks stresses are 10MPa less 
than the peak tensile stresses experienced at the IR surface during unbending in the ArcelorMittal 
caster. 
 
Figure 4.17. The stress-strain loading experienced at the IR surface of the Nucor caster. 
The mechanical stress-strain loading experienced at the OR surface of the Nucor caster is 
shown in Figure 4.18. Similar to the ArcelorMittal caster, the stress-strain history before 
bending, between bending and unbending, and after unbending, is the same at the OR surface 
and the IR surface. In the Nucor caster, the peak tensile stresses during bending and unbending 
are very similar. At the OR surface, tensile strains are experienced during bending, and 
compressive strains are experienced during unbending.  
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Figure 4.18. The stress strain loading experienced at the OR surface of the Nucor caster. 
The mechanical loading history at the IR and OR surfaces of the SSAB caster are shown 
in the Figures 4.19 and 4.20. The magnitudes of the stress-strain cycling history at the strand 
surfaces in the SSAB caster are significantly smaller than those in the Nucor and ArcelorMittal 
casters. These smaller stress-strain cycles are due to the smaller surface temperature fluctuations 
in the SSAB caster, compared with the ArcelorMittal and Nucor casters, as seen in Figure 4.11. 
The smaller surface temperature fluctuations in the SSAB caster are due to the longer water 
sprays in the casting direction, shown in Figure 4.3. These longer water sprays allow less surface 
reheating in between cooling from roll contacts and the start of water sprays. Similar to the 
Nucor and ArcelorMittal casters, the mechanical loading experienced at the IR and OR surfaces 
are the same before bending, between bending and unbending, and after unbending. 
At the IR surface of the SSAB caster, the peak tensile stresses during unbending are 
similar in magnitude to the peak tensile stresses of 20MPa at the Nucor caster IR surface during 
unbending. However, the stress and strain oscillation magnitudes during cycling in the SSAB 
caster are smaller than those in both the ArcelorMittal and the Nucor casters, due to the smaller 
surface temperature fluctuations in the SSAB caster. The magnitudes of the SSAB stress 
oscillations are qualitatively to the Nucor and ArcelorMittal casters; the stress oscillation 
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magnitudes become larger with time and the strain oscillation magnitudes become smaller with 
time. At the IR surface, the strain experienced during bending, when compression is applied at 
the IR, is larger than the strain experienced during unbending, when tension is applied at the IR. 
 
Figure 4.19. The stress-strain loading experienced at the IR surface of the SSAB caster 
The mechanical loading history at the OR surface in the SSAB caster is shown in Figure 
4.20. At the OR surface, the peak tensile stresses during bending are smaller than the peak tensile 
stresses at the IR surface during unbending. The peak compressive stresses during unbending at 
the OR surface are larger than the peak compressive stresses experienced at the IR surface. These 
two effects are because the steel shell is cooler during unbending, and so is stronger. The OR 
surface also shows asymmetry in the strains experienced during bending versus unbending. 
Similar to the IR surface, when compression is applied at the OR surface, larger strains are 
experienced than when tension is applied. Larger strains during compression could be due to 
several different effects, and shows that the neutral axis is not located at the strand centerline in 
the SSAB caster during bending and unbending. 
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Figure 4.20. The stress-strain loading experienced at the OR surface of the SSAB caster. 
As seen in the previous six figures, there is significant cyclic loading at the IR and OR 
surfaces due to non-uniform heat extraction and surface temperature fluctuations. To quantify the 
mechanical cycling at the strand, the number of stress cycles in the casting direction through the 
strand thickness was quantified. Calculation of the number of casting-direction stress cycles was 
performed using a rainflow algorithm [34]. Stress cycles were counted so that two reversals in 
the stress loading counts as one cycle, i.e., tension followed by compression would be counted as 
one stress cycle. Stress oscillations smaller than 0.5MPa were not counted so that purely 
numerical stress oscillations would not be included. Figure 4.21 shows the number of stress 
cycles experienced through the strand thickness for the three commercial casters. Strand 
thickness was normalized with respect to half of the strand thickness, so the outer radius surface 
is located at -1.0 and the inner radius surface is located at 1.0. 
The number of casting-direction stress cycles experienced through the strand thickness is 
almost perfectly symmetric about the strand centerline. This is because the stress cycling 
behavior of the strand is driven by thermal cycling, and the thermal behavior of the strand was 
symmetric about the centerline in these caster models. The number of casting-direction stress 
cycles decreases roughly linearly with distance from the strand centerline for both the 
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ArcelorMittal and the Nucor casters. The stress cycles in the SSAB caster do not decrease 
linearly with distance because the surface temperature oscillation behavior of the SSAB caster 
was significantly different than the ArcelorMittal and Nucor casters. 
 
Figure 4.21. Number of casting-direction stress cycles versus strand thickness. 
The magnitudes of the casting-direction stress oscillations are important because this 
influences the amount of inelastic strain accumulated during each cycle. The average magnitude 
of the stress oscillations through the normalized strand thickness is shown in Figure 4.22 for the 
three commercial casters. The average stress oscillation magnitudes of the Nucor and 
ArcelorMittal casters are similar because both casters have large surface temperature 
fluctuations. The peak stress oscillation magnitude in the SSAB caster however, is 50% lower 
than the peak stress oscillation magnitudes in the other two casters. The SSAB caster has smaller 
peak stresses because it has smaller surface temperature fluctuations, which cause less stress-
strain cycling at the strand surface. The average magnitudes of the stress oscillations in these 
calculations are less than the apparent average stress cycle magnitudes in the previous stress-
strain figures due to the smaller stress cycles that are caused by the roll contacts, which decrease 
the average stress cycle magnitude. 
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Figure 4.22. Average casting-direction stress oscillation magnitude through the strand thickness. 
The inelastic strain history in the casting direction is important in determining the failure 
behavior of the steel. Low-cycle fatigue failure has been found to correlate with the number and 
magnitude of inelastic strain cycles that a material experiences [35]. The number of inelastic 
strain cycles in the casting direction, counted using a rainflow algorithm [34], is shown in Figure 
4.23. The rainflow algorithm only counted inelastic strain cycles with magnitudes larger than 
0.05%, so that small numerical oscillations were not counted. The number of inelastic strain 
cycles in the Nucor and ArcelorMittal casters is approximately equal to the number of rows of 
water sprays in each caster. The large surface temperature fluctuations during each water spray 
in the ArcelorMittal and Nucor casters cause an inelastic strain cycle. The SSAB caster, 
however, only experienced 9 inelastic strain cycles at the strand surface because of the smaller 
surface temperature fluctuations. Decreasing the surface inelastic strain cycling is important in 
reducing the amount of fatigue and damage the strand surface experiences. The number of 
inelastic strain cycles also decreases very rapidly with distance below the strand surface in the 
ArcelorMittal and Nucor casters because the largest temperature fluctuations occur at the strand 
surface, which can be seen in the large cooling and reheating rates at the surface compared with 
subsurface cooling and reheating rates. 
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Figure 4.23. Number of casting-direction inelastic strain cycles through the normalized strand 
thickness. 
The amount of casting-direction inelastic strain accumulated during stress-strain cycling 
is important because it gives information about both the magnitude and number of inelastic strain 
cycles at the strand surface. Figure 4.24 shows the accumulated inelastic strain in the casting 
direction. This accumulated inelastic strain value was counted using the following 
 
ac
yy
ie
yyε ∆ε= ∑   (4.17) 
where acyyε  is the accumulated inelastic strain in the casting direction, and 
ie
yy∆ε  is the magnitude 
of an inelastic strain cycle. With this method of calculating inelastic strain accumulation, there is 
no difference in counting compressive inelastic strain versus tensile inelastic strain. Similar to 
the stress oscillation magnitudes, the inelastic strain accumulation in the SSAB caster is 
significantly lower than in the ArcelorMittal and Nucor casters due to the smaller surface 
temperature fluctuations of the SSAB caster. The accumulated inelastic strain values of the 
ArcelorMittal and the Nucor caster values at the strand surface are large, at 25% and 16%, 
respectively. 
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The amount of accumulated inelastic strain through the strand thickness also decreases 
rapidly with distance below the strand surface because large stress cycle magnitudes are required 
to create inelastic strain accumulation during mechanical cycling. The stress oscillation 
magnitudes are largest at the strand surface, and decrease rapidly with increasing distance below 
the strand surface as shown in Figure 4.22. Because the stress oscillation magnitudes decrease so 
rapidly with distance below the strand surface, the inelastic strain accumulated during each 
stress-strain cycle also decreases rapidly. The almost constant amount of inelastic strain 
accumulated below the surface in the three commercial casters is caused by inelastic strain 
accumulation during bending and unbending. 
 
Figure 4.24. Accumulated casting-direction inelastic strain through the strand thickness. 
The strain loading history of the strand surface during bending and unbending at the IR 
and OR surfaces is also important. During bending the OR surface experiences large tensile 
strains, and during unbending the IR surface experiences large tensile strains. Large tensile 
strains at these surfaces increases the risk of transverse cracks formation. Tables 4.5 and 4.6 give 
the total casting-direction inelastic plus elastic strain at the IR and OR surfaces for the three 
casters, during both bending and unbending. The equation used to calculate the bending and 
unbending inelastic plus elastic strains was the following 
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where 0R  is the casting radius at the strand centerline, NR  is the caster radius at roll N during 
bending or unbending, and t  is the strand thickness. This equation simplifies to Equation (4.1) 
for unbending when NR  is equal to infinity, which is the final radius during unbending. This 
equation makes the assumption that the neutral axis is located at the strand centerline. 
The bending and unbending strain predictions from Equation (4.18) from start to finish of 
bending or unbending match the model strain predictions well for the ArcelorMittal and Nucor 
casters, indicating that the neutral axis for bending and unbending in these two casters is located 
at the strand centerline. In the SSAB caster, the bending and unbending surface strain predictions 
using Equation (4.18) do not match the model strain predictions perfectly. However, the average 
of the strains at the IR and OR surfaces during both bending and unbending are approximately 
1.20%. This shows that the small discrepancies between the model and equation predictions for 
the SSAB caster are because the neutral axis is not exactly at the strand centerline in the model, 
especially for the SSAB strand.  
The surface bending and unbending strains calculated by the model and equation for all 
three casters are very similar, even though the caster thickness and machine radii for the three 
casters varied significantly. This surface strain similarity across casters indicates that the 
methodology used to design the bending and unbending radii in these continuous casters based 
on the strand thickness works well at controlling the surface strain the strand experiences. 
Table 4.5. Comparison of model and equation bending and unbending strains at IR surface. 
Caster Model 
Bending 
Strain [%] 
Equation 
Bending 
Strain [%] 
Model 
Unbending 
Strain [%] 
Equation 
Unbending 
Strain [%] 
ArcelorMittal -0.86 -0.87 0.80 0.87 
Nucor -1.28 -1.29 1.14 1.29 
SSAB -1.37 -1.20 1.06 1.20 
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Table 4.6. Comparison of model and equation bending and unbending strains at OR surface. 
Caster Model 
Bending 
Strain [%] 
Equation 
Bending 
Strain [%] 
Model 
Unbending 
Strain [%] 
Equation 
Unbending 
Strain [%] 
ArcelorMittal 0.87 0.87 -0.95 -0.87 
Nucor 1.26 1.29 -1.40 -1.29 
SSAB 1.02 1.20 -1.31 -1.20 
 
The strand surface strain predictions from Equation (4.18) and the model during multi-
point bending or unbending for the Nucor and the SSAB casters also agreed very well. Figures 
4.25 and 4.26 are representative plots showing the equation and model strain predictions at the 
IR surface during bending and unbending. Figure 4.25 shows a comparison between the model 
and Equation (4.18) predictions during bending. The elastic plus inelastic surface strains for the 
model were normalized to equal zero at the start of bending. Figure 4.26 shows a comparison 
between the model and equation strain predictions for the IR surface during unbending, also 
showing the decomposition of the total strain into the elastic and inelastic portions. All model 
surface strains in these figures were normalized to zero at the start of unbending. The agreement 
between the model and equation strain predictions are very good. 
 
Figure 4.25. IR surface strain predictions for Nucor caster during bending. 
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Figure 4.26. IR surface strain predictions for Nucor caster during unbending. 
4.6 Discussion 
This work has found that non-uniform heat transfer during secondary cooling can cause 
significant mechanical cyclic loading in the casting direction. This cyclic mechanical loading is 
related to the magnitude of the surface temperature fluctuations at the strand surface, which are 
in turn caused by surface reheating between roll contacts and water sprays. The increased length 
in the casting direction with high heat extraction by the water spray cooling patterns in the SSAB 
caster decreased surface reheating. This decrease in surface reheating caused decreasing surface 
temperature fluctuations and mechanical cycling loading at the strand surface. The model 
predicted mechanical cyclic loading in the casting direction is symmetric about the strand 
centerline because the thermal boundary conditions were symmetric about the strand centerline. 
While the cyclic loading is symmetric about the strand centerline, it was found that if cyclic 
mechanical loading is coupled with large tensile inelastic strain accumulation at the IR surface 
that it could increase the potential of transverse crack formation. Prediction of strains 
experienced during bending and unbending using Equation (4.18) will be accurate as long as the 
neutral axis is located at the strand centerline. However, the neutral axis is not always located at 
the strand centerline. 
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4.7 Conclusions and Future Work 
In this chapter a parametric study was conducted to investigate the effects of mold 
cooling, secondary cooling, machine radius, caster thickness, multi-point bending and 
unbending, single point bending and unbending, caster length and casting speed on thermo-
mechanical behavior of the entire strand in three commercial casters. Similar bending and 
unbending casting-direction strains at the strand surface were observed for all three casters; 
changes in strand thickness were approximately compensated by appropriate changes in caster 
radius. The similarity in bending and unbending surface strains between casters shows that the 
effects of strand thickness and caster radius can be accounted for during caster design. The 
surface strains predicted by the model were compared with predictions from Equation (4.18) and 
there was good agreement, although the equation did not predict surface strain fluctuations due 
to non-uniform heat transfer.  
 Of the casting parameters investigated in this chapter, secondary cooling conditions were 
found to have the strongest effect on the cumulative mechanical loading at the strand surface. 
The SSAB caster had strand surface temperature fluctuations approximately 40°C less than the 
Nucor and ArcelorMittal casters. These smaller surface temperature fluctuations led to smaller 
stress-strain cycles at the strand surface. The smaller stress-strain cycles created significantly less 
inelastic strain accumulation in the casting direction at the strand surface, which likely would 
lessen the risk of transverse crack formation. Decreasing strand surface temperature fluctuations 
can be accomplished by using water spray patterns that extend uniform heat transfer further in 
the casting direction, thereby decreasing surface reheating in between roll contacts and water 
sprays. Reduction of the magnitude of the surface temperature fluctuations through the use of 
longer water spray patterns in the casting direction will also decrease the cooling and reheating 
rates at the strand surface. The use of water spray patterns that are longer in the casting direction 
is recommended. The associated reduction in inelastic strain accumulation from cyclic loading 
should decrease the risk of transverse crack formation. 
The results found here can be used in future work to understand, predict, and avoid crack 
formation. Experiments to determine the hot ductility of steel and predict crack sensitivity must 
include temperature oscillations combined with cyclic mechanical loading to match the thermo-
mechanical conditions the strand surface experiences in a continuous caster. Micro-mechanical 
models to study the formation of transverse crack should also use cyclic loading as boundary 
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conditions. The cyclic mechanical loading that the strand surface experiences is important and 
cannot be neglected in experiments or models to determine the risk of transverse cracking. The 
total number of stress-strain cycles the strand surface experiences is roughly equal to the number 
of rolls and rows of water sprays in the caster. 
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Chapter 5: Conclusions and Future Work 
5.1 Conclusions 
A new thermo-mechanical model through the thickness of the strand widefaces of the 
steel continuous casting process from meniscus to caster exit was developed, including the 
effects of mold cooling, non-uniform heat extraction in secondary cooling, bending, and 
unbending. To extend the temperature range of existing steel constitutive models to below the 
eutectoid transformation, a new methodology was developed to model the constitutive behavior 
of mixtures of austenite, pearlite, and ferrite phases that consisted of three component models: 
the phases present in the steel, the constitutive behavior of the individual phases, and the 
mechanical mixture behavior of the phases present. A parametric study using the new 
computational model on three commercial casting machines was performed to study the effects 
of casting radius, strand thickness, mold cooling and secondary cooling on the thermo-
mechanical behavior of the strand widefaces and the risk of transverse crack formation. 
To model the macroscopic constitutive behavior of steel near the eutectoid temperature, 
new methods were introduced to model: the creation and dissolution of pearlite, the constitutive 
behavior of pearlite, and the mechanical mixture behavior of steel phases. Calculation of the 
solid phases present is performed using an equilibrium phase diagram and temperature-
dependent kinetic equations for the transformations of austenite into pearlite and pearlite into 
austenite. A new constitutive model for the strain, temperature and strain-rate dependent 
deformation of pearlite was developed and compared with experimental data. Three types of 
mixture models were considered for use in modeling the mechanical mixture behavior of steel 
phases: switch, Reuss, and Voigt. Of the three mixture models considered, the Reuss and switch 
mixture models are best suited to modeling the constitutive behavior of the strand for 
deformation in directions orthogonal to the solidification direction. This is because of the 
columnar microstructure that forms during steel solidification and the subsequent formation of 
soft proeutectoid ferrite at austenite grain boundaries. The switch mixture model is 
recommended because, relative to the Reuss mixture model, it is simpler to implement using 
implicit integration methods, and its computational cost is lower. Due to the low strength of the 
softer ferrite phase compared to pearlite and austenite, it was found that ferrite dominates the 
inelastic deformation behavior of mixtures of pearlite plus ferrite and austenite plus ferrite.  
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A new, efficient thermo-mechanical model was developed, consisting of a 1D drilling 
through the thickness of the strand widefaces, from meniscus to caster exit. The model includes 
the effects of mold cooling, roll contact cooling, water spray cooling, multi-point and single-
point bending and unbending, casting radius, strand thickness, and casting speed. Using this 
model to study a representative caster, it was found that the non-uniformities of heat extraction in 
secondary cooling have significant effects on the mechanical loading at the strand surface during 
secondary cooling. Inelastic strain in the casting direction accumulates due to the mechanical 
loading from surface temperature fluctuations, causing up to 25% inelastic strain accumulation at 
the strand surface. The mechanical effects of surface temperature fluctuations must be 
considered when modeling the strand surface to predict surface defects.  
A parametric study was conducted with the modeling system to investigate the effects of 
mold cooling, secondary cooling, machine radius, caster thickness, multi-point bending and 
unbending, single point bending and unbending, caster length and casting speed. Similar bending 
and unbending surface strains were observed among all of the three casters studied, because the 
increases in strand thickness were roughly compensated by the decreases in machine radius for 
these three casters. The resulting similarity is because these effects are well understood and can 
be accounted for during caster design. The surface strain predicted by the computational model 
was compared with surface strains predicted by an equation, and good agreement was observed. 
Of the casting parameters investigated with this computational model, it was found that 
secondary cooling conditions have the strongest effect on the cumulative mechanical loading 
experienced at the strand surface. The SSAB caster had strand surface temperature fluctuations 
approximately 40°C less than the Nucor and ArcelorMittal casters. These smaller surface 
temperature fluctuations led to smaller stress-strain cycles at the strand surface. The smaller 
stress-strain cycles created significantly less inelastic strain accumulation in the casting direction 
at the strand surface, which likely would lessen the risk of transverse crack formation. Because 
of this relation between surface temperature fluctuations and stress-strain cycling, it is 
recommended that surface temperature fluctuations be reduced in continuous casters in order to 
reduce the severity of the cyclic mechanical loading at the strand surface.  
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5.2 Future Work 
Because the soft ferrite phase dominates the inelastic deformation behavior of mixtures of 
austenite plus ferrite and pearlite plus ferrite, work developing a mixture model similar to a 
Reuss mixture model is recommended. The mixture model could assume no inelastic 
deformation in the harder pearlite or austenite phases when a threshold amount of ferrite is 
present. Such a constitutive model would require development of a finite strain integration 
method for the ferrite constitutive model, owing to the large strains accumulated in that phase. 
The computational model developed in this work for a drilling through the thickness of 
the strand widefaces was useful in determining the thermo-mechanical effects of bending, 
unbending, mold cooling, and secondary cooling on the solidifying strand. Because the strand 
surface temperature fluctuations were found to strongly affect the mechanical loading of the 
strand, it is recommended that the surface temperature fluctuations predicted by CON1D be 
calibrated with surface temperature fluctuations measured from a real caster. The mechanical 
loading predicted by the efficient thermo-mechanical model described in this work is strongly 
dependent on the fluctuations in thermal boundary conditions predicted by the CON1D thermal 
model. The general behavior predicted in this work, such as the maximum temperature 
fluctuations, agrees well with experimental data. However, the relative effects of roll contact 
versus water sprays on the cooling at the strand surface could be improved. It is also 
recommended that experimental tests of steel hot ductility use cyclic mechanical loading 
followed by monotonic extension to failure. This recommended mechanical loading would better 
match the combined effects of non-uniform secondary cooling and monotonic extension at the 
OR surface during bending or the IR surface during unbending.  
Bulging was neglected in the current model. The narrow slice model domain used in this 
work cannot predict strand bulging because the domain size in the casting direction is too small. 
Bulging predictions using other modeling techniques could be applied to this model as boundary 
conditions, and therefore provide a comprehensive model system to predict the thermo-
mechanical behavior of the strand widefaces from mold cooling, secondary cooling, bending, 
unbending, and bulging. Such a comprehensive model including all of these phenomena could be 
used to calculate experimental test conditions for hot ductility test and boundary conditions for 
micro-mechanical models of cracking.  
 
